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Abstract 
 
 
 
A novel methodology for analysis of damage in contact problems in presented. Two important 
categories of contact damage are studied, namely crack nucleation and adhesive wear. The 
proposed methodology is primarily based on the laws of energy and thermodynamics, and as 
such offers great advantages by unifying the analysis of damage in a variety of contact 
configurations.  
Crack nucleation is the first damage type analyzed. For this purpose, the line-contact fretting 
configuration is chosen. A thermodynamically-based continuum damage mechanics (CDM) 
approach is employed. Intense stress gradients in the contact region are found to be highly 
influential in the crack nucleation process. A methodology is proposed that identified the 
averaging zone as a function of the contact and loading parameters. The predicted crack 
nucleation lives are verified by comparing against the published experimental data for two 
different alloys. The utility of the proposed methodology is also investigated for the case of 
rough surface contact. The deterministic approach is employed to investigate the effect of 
roughness on the surface tractions and contact stresses. A special averaging technique, proposed 
for the case of smooth surface, is adopted. The predictions of the crack nucleation life for 
different roughness values are compared with relevant experimental data in literature, and 
confirm the validity of the analysis. 
Adhesive wear is another type of contact damage investigated. The study is carried out for 
three different contact conditions. These include disk-on-disk unidirectional dry sliding, pin-on-
flat reciprocating dry sliding and pin-bushing grease-lubricated oscillatory sliding. It is shown 
that the wear rate is linearly related to the power dissipation as well as the entropy generation 
rate. The linear correlations are verified experimentally. Degradation coefficient is obtained and 
a simple approach is proposed for prediction of wear in dry sliding configuration. The proposed 
technique can be employed for prediction of wear in circumstances where the direct 
measurement of power dissipation is encumbered by practical limitations. Also investigated are 
the relationship between the system’s wear rate, power dissipation and thermal response. The 
wear-energy dissipation coefficient (WED) is identified as an important property of tribo-
systems. The methodology relies on measurement of temperature rise in the sliding system. It is 
shown that the correlation between the frictional power dissipation and temperature rise can be 
obtained through thermal analysis of the system. The proposed methodology is shown to be 
capable of predicting the wear rate under a wide range of loading conditions. 
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Chapter 1: Overview 
 
 
 
1.1. Introduction 
As a universal attitude of matter, the friction phenomenon has long been studied by mankind 
owing to its multifarious manifestations in almost every aspect of our daily life. The earliest 
recognition of friction probably has its roots in the prehistoric age when friction was used to 
generate heat and fire [1]. The scientific study of friction is, in comparison, much more recent 
and dates back to the pioneering studies by Amontons and Coulomb in the sixteenth and 
seventeenth centuries. During the subsequent centuries, extensive studies have been carried out 
with the aim of identifying the laws that describe friction and its numerous manifestations such 
as wear, surface damage, corrosion etc. While attempts to develop comprehensive friction 
damage models have been profuse, their success has been limited largely due to the variegated 
nature of the friction phenomenon. Today, in light of the existing body of knowledge, it is 
acknowledged that wear of materials involves a variety of complex and physically diverse 
phenomena, such as plasticity, fracture, chemical and physical interactions, that often occur in an 
inextricably intertwined fashion. In view of the scarcity of predictive models to account for the 
multifarious processes involved in friction, the development of novel approaches to unify these 
underlying processes has become a crucial scientific endeavor. 
In search for comprehensive modeling techniques, the energy and thermodynamically based 
approaches have emerged as a propitious tool for analysis and modeling of friction. From the 
particular vantage point of these approaches, friction is a dissipative process which irreversibly 
transforms energy and material into other forms via dissipative sub-processes. Notwithstanding 
the multiplicity of the underlying dissipative processes in friction, they share one unique feature, 
that is, they all degrade the material and dissipate energy. Hence, energy dissipation is deemed to 
be an appropriate measure of degradation in a variety of engineering applications.  
In tribology, damage occurs as a result of interactions between the surfaces that bring about 
irreversible changes in the contacting surfaces. While myriads of different irreversible processes 
may be involved in the contact of two solids, the degradation of surfaces often manifests itself 
either as material loss, i.e. wear, or crack formation. The degradation of the material, regardless 
of the damage type, can be viewed as a corollary of irreversible processes that collectively 
increase the disorder in the system according to the laws of thermodynamics. The notion of 
characterizing the irreversible processes via energy and thermodynamic principles, therefore, 
offers a new path forward for treating a variety of complex tribological problems within a unified 
framework.  
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The present research provides the details of a series of scientific investigations carried out to 
ascertain the potentials and the advantages of applying thermodynamics principles to analysis of 
tribological problems. The study is focused on two of the most important categories of contact 
damage, namely wear and cracking. Appropriate contact configurations are selected for this 
purpose which involve sliding dry and lubricated contact for analysis of wear and fretting contact 
for analysis of fretting crack formation. Also considered for this purpose are a variety of contact 
configurations, sliding modes and surface conditions. Theory and experiments are employed 
together in order to conduct a comprehensive study and to achieve conclusive results. In cases 
where experiments were not possible due to lack of facilities, experimental results reported by 
others are used to evaluate the theoretical analysis. A brief outline of the conducted studies is 
presented in the following.  
1.2. Outline 
The present report is prepared in seven chapters. Each of the subsequent chapters is dedicated 
to a particular contact problem. The next two chapters (2 and 3) focus on the fretting crack 
nucleation in line-contact configuration. Chapter 2 deals with the problem of smooth contact. A 
methodology is proposed which employs a thermodynamically based continuum damage 
mechanics approach to successfully predict the crack nucleation phenomenon in fretting 
contacts. The contact size effect—a frequently reported observation—is also treated via a novel 
technique. Chapter 3 investigates the effect of surface roughness in fretting crack nucleation. A 
deterministic approach is adopted for this purpose. The averaging technique proposed for the 
case of smooth contact is extended for the rough contact fretting. The continuum damage 
mechanics technique is used in this chapter for simulation of damage growth and crack 
nucleation under rough contact fretting condition. 
The three subsequent chapters (4, 5, and 6) focus on the analysis of wear within a 
thermodynamic and energy-based framework. Chapter 4 presents the details of the study on a 
ring-on-ring dry sliding configuration. It is shown, by virtue of the laws of energy and 
thermodynamics, that wear rate is proportional to the energy dissipation and entropy generation. 
This principle is used to derive the degradation coefficient as an important property of a given 
tribo-system. Chapter 5 investigates and demonstrates the utility of energy approach in analysis 
of wear in reciprocating sliding contact. It is shown in this chapter that the contact temperature 
rise can be measured and employed for the purpose of wear prediction. Chapter 6 extends the 
energy-based approach to analysis and prediction of wear in a grease-lubricated oscillatory 
journal bearing. An important intrinsic property of the tribo-system (i.e. wear-energy dissipation 
coefficient) is introduced and a reliable wear prediction methodology is presented that requires 
only one measurement; that is, the temperature rise in the contacting bodies. 
The final chapter (7) recapitulates the most important conclusions based on the results obtained 
in this research. Recommendations for future study are also provided in this chapter. 
3 
 
1.3. References 
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Chapter 2: On the Fretting Crack Nucleation with Provision for 
Size Effect* 
 
 
 
2.1. Introduction 
Contacting bodies, subjected to oscillatory motion or vibration, are highly susceptible to a 
pervasive type of damage known as fretting. Numerous instances of fretting-induced failure in 
practical applications ranging from dovetail joints in turbine engines to bolted or riveted 
structures to orthopedic implants and wire ropes have been reported in the literature [1-3]. Two 
distinct categories of fretting damage that impact the functionality of mechanical components are 
wear and cracking. In general, wear is the signature of gross sliding, whereas cracking is more 
persistent in the partial slip regime [4]. Depending on the surface and operating conditions, one 
of these regimes may prevail in a fretting contact. Transitions between these regimes can also 
occur based on the imposed sliding condition [5]. In fact, the correlations between the sliding 
condition and the evolution of the damage type have long been investigated [3-10]. 
The analysis and prediction of the damage associated with different fretting regimes have 
become the major focus of many recent studies. The energy-based approach has emerged as a 
promising tool for the analysis of the tribo-systems in which fretting wear is the dominant type of 
damage [11-15]. Also available, are a variety of methodologies for analysis of crack formation in 
fretting [2, 7, 8, 16-33]. These types of cracks almost invariably nucleate on the surface under the 
oscillatory action of the contact forces [22, 23, 29, 34-36]. Subjected to remote cyclic stresses, 
these cracks can often grow rapidly, resulting in early failure of the components [20, 37].  
Similar to plain fatigue, the life of engineering components subjected to fretting fatigue is 
comprised of two inherently distinct phases: nucleation and propagation of fatigue cracks. It is 
generally believed that the first phase involves nucleation of a crack up to a specific length [38] 
that can subsequently grow under the influence of bulk cyclic loading. Once the crack is 
nucleated, the analysis of the propagation phase can be successfully carried out in a fashion 
identical to crack propagation in problems involving plain fatigue and using methods such as the 
Paris-Erdogan law [39]. In contrast, the analysis of the nucleation phase in fretting is 
encumbered with difficulties attributed to the multiplicity of the influential factors involving 
material properties, environmental and mechanical effects [40]. In addition, the existing 
uncertainties associated with the definition of a nucleated crack [38] can further complicate the 
quantification of the nucleation phase. Nonetheless, depending on the type of the fretting contact 
and the level of the remote, i.e. bulk, cyclic load, one of these phases dominates a larger portion 
                                                           
* Reprinted by permission from Tribology International, Elsevier (see Appendix) 
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of the total life. The open literature, thus, is abundant with studies of nucleation [21, 23, 25, 30, 
31, 41-43] or propagation [18, 28, 44] of fretting fatigue cracks. There are also studies that 
consider both phases [19, 26, 33, 35, 36]. However, according to many research studies the 
predominant mode of fretting fatigue throughout the components’ useful life is thought to be the 
nucleation of cracks [19, 24, 33, 35, 40]. Further, in order to reduce the risk of failure, the 
nucleation of cracks as the preceding phase in fretting fatigue must be prolonged as long as 
possible. Hence, realistic quantification of the nucleation phase is deemed to be highly 
indispensable to the design safety.  
With regard to the quantification of fretting crack nucleation, many studies have adopted a 
multiaxial fatigue criterion, because most of the contact region in fretting is subjected to a 
multiaxial stress field. The Smith-Watson-Topper (SWT) [45] or other modified strain-life 
parameters such as Fatemi-Socie (FS) [46] have been widely used in conjunction with the critical 
plane approach to predict the number of cycles to crack nucleation in fretting [16, 23, 33, 34, 36, 
47, 48]. There are other studies [30, 35] that have used the SWT parameter without the critical 
plane approach on the account that a quasi-uniaxial stress field exists near the contact edges 
wherein fretting cracks are frequently reported to nucleate [22, 23, 29, 34-36]. However, 
regardless of the adopted methodology, the number of cycles to crack nucleation obtained by 
means of these methods is considered to include a certain level of approximation inasmuch as the 
definition of the number of cycles according to these criteria does not entirely exclude the 
propagation phase [45, 48, 49]. Alternatively, the cracking risk for a given loading condition can 
also be predicted by the virtue of parameters such as SWT [22, 23, 30, 36] or other multiaxial 
criteria [7, 16, 21, 22, 26, 41, 50-52] such as Dang Van [53], Crossland [54] or McDiarmid [55]. 
Overall, the efficacy of these methodologies in the analysis of fretting fatigue often relies on the 
definition of a so-called process volume or an averaging zone proposed to capture the effect of 
high stress gradients within the contact region. Yet there are no clear guidelines for evaluation of 
the averaging zone size in a systematic manner for different materials and contact conditions.  
The present study applies a thermodynamically-based continuum damage mechanics (CDM) 
approach as an alternative method for predicting the nucleation life in fretting contact. For this 
purpose, the thermodynamic framework developed by Bhattacharya and Ellingwood [38] is 
employed to model the accumulation of damage during fretting and to calculate the number of 
cycles to crack nucleation. Given that in CDM, the definition of damage is independent of the 
crack size, this approach is deemed to be particularly amenable to crack nucleation analyses. It is 
useful to note that the CDM approach has been used recently for prediction of failure in other 
types of contact problems involving prediction of wear coefficient and the rolling contact fatigue 
[56, 57]. Also in a previous study [31], the CDM approach was used to predict the crack 
nucleation in case of fretting fatigue involving bulk cyclic loading. In that study, implementation 
of a local approach as well as the wide scatter band in the experimentally-observed fatigue lives 
precluded the true potential of the CDM approach to be established for analysis of fretting crack 
nucleation. The present study, in contrast, investigates the plain fretting contact using an 
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improved technique within the framework of a non-local analysis. The results of the fretting tests 
carried out on two different alloys Ti-6Al-4V and Al 2024-T351 [21, 30, 43] are used to 
authenticate the validity of the approach. The stresses due to fretting contact are studied in detail 
to determine the parameters capable of describing the accumulation of damage. Implementing a 
non-local analysis, the averaging zone approach is employed to take into account the effect of 
high stress gradients in fretting contact and a methodology is then proposed for a more 
systematic assessment of the averaging zone and its size.  
2.2. Theory and formulations 
2.2.1. CDM theory 
Thermodynamic approaches have emerged, in an auspicious new trend, as a universal tool for 
analysis of degradation in materials. As demonstrated in recent studies [11, 58, 59], the damage 
growth in materials and the attendant irreversible processes can be effectively modeled within a 
thermodynamic framework.  
Before delving into the CDM formulations, it is appropriate to begin by presenting a brief 
history. The theory of CDM was originally proposed by Kachanov [60] and further developed 
and extended by Lemaitre [61]. More recently, Bhattacharya and Ellingwood [38] developed a 
thermodynamic framework for modeling damage growth. The CDM approach has proven to be 
promising for treating a wide range of problems including sliding wear and rolling contact 
fatigue [31, 56, 57]. Despite the documented advances in mechanics achieved by CDM [38], the 
application of this theory in tribology is still in its infancy and remains to be fully explored. 
The CDM approach, as developed and experimentally verified by Bhattacharya and Ellingwood 
[38], is of particular interest since it obviates the need for specification of a critical crack size and 
the empirical growth parameters, which are typically required in other approaches. As an 
alternative, the state of damage in the material is evaluated based on “macroscopically obtained 
material parameters.”  CDM characterizes material degradation as a macroscopic state variable, 
D. Following the definition due to Lemaitre [61], D is a thermodynamic internal variable, and is 
assumed to be a continuous tensor parameter. Accordingly, the damage variable, D(n), is 
quantified by the surface density of micro-cracks and micro-voids, ∑ iAd  , existing on an 
elemental cross-sectional area, dA, with the normal vector n ; see Figure 2.1. Hence, the 
definition of D(n) is: 
dA
Ad
nD
i∑=)(           (1) 
In spite of the existence of micro-cracks and micro-voids, the material is assumed to be 
continuous up to a certain critical point to be defined later in this section.  
In the present study, damage is assumed to be isotropic so that D can be presented simply by a 
scalar quantity. Considering the equilibrium of forces, the relation between the nominal normal 
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stress, σ , and the effective normal stress, σ ′ , acting on the remaining undamaged area is given 
by: 
D−
=′
1
σ
σ            (2) 
 
Figure 2.1 Damage at any point in the material 
According to the principle of strain equivalence [62], the damaged volume of the material 
subjected to the nominal stress is analogous, in terms of the strain response, to an undamaged 
volume subjected to the effective stress. Consequently, it can be shown that: 
)1( DEE −=′            (3) 
where E′  and E  denote the Young’s moduli of the damaged and undamaged material, 
respectively. The Poisson’s ratio is, however, assumed to be insensitive to the damage process 
[38]. From the vantage point of the CDM theory, failure, i.e. crack nucleation, occurs when the 
damage variable reaches its critical value, Dc, with the restriction that Dc ≤1. Note that, according 
to the CDM theory, failure does not mean fracture. Instead, it specifies a point at which the 
material is sufficiently degraded such that continuity is lost due to the formation of micro-cracks 
and micro-voids. At such point, a crack is assumed to be nucleated. Dc is an intrinsic material 
property, and can be obtained by means of simple experiments [38]. One possible procedure to 
obtain this parameter involves cyclic loading and unloading of the material and measuring the 
corresponding unloading modulus each time [62]. The damage parameter is subsequently 
calculated using Eq. 3. The critical value of the damage parameter can be obtained, at the point 
of imminent failure. Bhattacharya and Ellingwood derived the following expression for isotropic 
damage growth in a deformable body [38]: 
1on;0)( RnDT jijDi ∂=∂∂+ εψ         (4) 
In Eq. (4), iT  is the traction on the boundary 1R∂ , Dψ  is the derivative of the Helmholtz free 
energy function with respect to D, ijε  represents the strain tensor and jn  is the normal in j 
direction. In the case of cyclic loading, damage can grow in each cycle. It is noteworthy to 
mention, that the fretting loading induces a multi-axial state of stress in which case the solution 
to Eq. (4) becomes a cumbersome task. However, the solution for multi-axial fatigue is believed 
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to be rather unwarranted, in view of the fact that the fretting cracks normally nucleate in a region 
where a quasi-uniaxial stress state prevails [30, 33, 35]. For a uni-axial loading case and using a 
Ramberg-Osgood type hysteresis loop during the cyclic loading, the solution to Eq. (4) in terms 
of the damage parameter, Di , at the ith cycle, is given by [38]: 


 ≥−−
=
−
−
otherwise;
 if ; )1(1
1
max1
i
eii
i
D
SFD
D
σ
        (5) 
where 
imi
M
li
M
mi
ioi
M
li
M
oi
i
CM
CM
F
+∆∆−∆+
+∆∆−∆+
=
+−
+−
εεε
εεε
/1/111
/1/111
)/11(
)/11(        (6) 
and 
oi
M
li
M
oif
i
MK
C εε
εσ
∆∆+
+
∆
−=
+
/1
/11
/114
3         (7) 
where maxσ  is the maximum cyclic stress, eS  represents the endurance limit and fσ  is the true 
failure stress of the material. The parameter M represents the cyclic hardening exponent and K is 
given by HK M112 −= , where H is the cyclic hardening modulus. The strain range parameters in 
Eqs. 6 and 7 are graphically defined in Figure 2.2. Detailed description of these parameters can 
be found elsewhere [63]. The material is initially assumed to be defect free, i.e. D0 = 0. 
 
Figure 2.2 Stress–strain coordinates in a typical loading cycle, adapted from [38]. 
It is necessary to mention that the presented model treats damage according to an elasto-plastic 
material behavior while the stress condition may remain completely within the elastic range. In 
fact, when the material is subjected to fatigue loading resulting in stresses lower than the bulk 
yield stress—as is the case in the present study—the plastic strain at the macro-level remains 
very small and often negligible compared to the elastic strain range. However, from the 
viewpoint of CDM theory [62], the material behaves elasto-plastically in the micro-scale and is 
modeled as a damageable volume.  
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2.2.2. Fretting stress formulation 
Referring to Figure 2.3a, the fretting contact type used in this study is the oscillating contact of 
a cylinder on flat pertaining to the experimental work of Proudhon et al. [30, 43] and Fouvry et 
al. [21]. Assuming elastic half-planes with identical elastic properties [21, 30, 43], the contact 
pressure distribution for a given normal load, P, is of the Hertzian type and independent of the 
tangential force: 
5.022
0 )1()( axpxp −=          (8) 
where 0p  is the maximum contact pressure with a positive value and ais the contact half width. 
 
a      b 
Figure 2.3. Fretting contact in partial slip, (a) contact parameters in a typical cylinder on flat 
configuration (b) variation of the tangential force versus the relative displacement. 
Next, in line with the experiments [21, 30, 43], it is assumed that the partial slip condition 
dominates and that the bulk of the contact remains elastic. The tangential force, Q, oscillates with 
an amplitude Q* corresponding to the maximum relative displacement, δ*, within a typical 
hysteresis loop shown in Figure 2.3b. The solution to the shear traction, q(x), in partial slip of the 
spherical Hertzian contact is due to the work of Mindlin and Deresiewicz [64, 65]. Hills and 
Nowell [40] give the distribution of shear traction for the cylindrical line contact in partial slip: 
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where c is the half width of the stick zone and b denotes the half width of the instantaneous stick 
zone corresponding to the instantaneous tangential force. In Eq. (9), the plus and minus signs 
correspond to the loading and unloading portions of the fretting cycle, respectively. 
For the elastic (linear) plane strain condition in a semi-infinite media the resultant stresses at an 
arbitrary point of A(x,z) due to the specified normal and tangential tractions are [66]: 
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The plane strain condition requires all other stress terms to be zero except the stress normal to xz 
plane: 
)( zxy σσυσ +=           (13) 
where υ denotes the Poisson’s ratio. 
2.3. Analysis and simulation 
Before proceeding with the simulation of fretting crack nucleation, it is essential to analyze the 
fretting stresses in more detail to determine the appropriate parameter(s) that can be used to 
characterize damage growth in fretting by means of the CDM analysis. To that end, the stresses 
formulated in the preceding section are calculated throughout the fretting cycle using the normal 
and tangential tractions given by Eqs. 8 and 9. The resulting stresses are analyzed and an 
appropriate method is then proposed for the prediction of crack nucleation by means of CDM 
analysis.  
2.3.1. Analysis of fretting stresses 
Figure 2.4 illustrates the contact stress components resulting from a partial slip fretting contact 
loading. For brevity, the results are plotted for one loading case and only at one point (Q=-Q*) 
during the fretting cycle shown in Figure 2.3b. Not shown, also for brevity, are the stress 
distributions at other loading points during the fretting cycle. However, the evolution of these 
stresses throughout the complete fretting cycle is studied in detail and the significant highlights 
are summarized in following paragraph.  
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a       b    
 
c       d 
Figure 2.4. Distribution of the fretting stress components for *QQ −= , c/a=0.74, µ=0.9. (a) 
xσ , 
(b) 
xzτ , (c) zσ , (d) yσ  
First, it is revealed that the stress components xσ , xzτ  and to a less extent yσ undergo the most 
intense variations due to the oscillation of the tangential force. By contrast, the stress component 
in z direction,
zσ , is almost unaffected by the variation of the tangential force. This is, in fact, 
more pronounced close to the surface where 
zσ  becomes completely independent of the shear 
traction. The second important point is that with the exception of the shear stress, xzτ , at the 
surface, the oscillation of the tangential force from –Q* to +Q* does not completely reverse the 
contact stresses. Attributed to the dependence of the stresses on both the normal and tangential 
forces, this effect is noticeable in case of xσ on the surface at the contact edges, 1±=ax . 
Finally, by examination of the stress distribution plotted in Figure 2.4, it is readily deduced that 
the state of stress in the partial slip fretting contact is in fact multi-axial. Notable exceptions to 
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this are the points on the surface at ax ≥ where all the other in-plane stress components except 
xσ reduce to zero, thus giving rise to a quasi-uniaxial state of stress. 
2.3.2. Identification of the crack nucleation parameter for CDM analysis 
While there is an abundance of different parameters for characterizing the cracking behavior in 
fretting, there is no consensus as to which criteria or parameter should be used for quantification 
of fretting crack nucleation. In addition to the critical plane and the multiaxial fatigue criteria 
mentioned earlier, a variety of other parameters such as the shear stress range [19, 34, 42], 
combined with the maximum normal stress on the maximum shear plane [25, 67] and the 
maximum and principal strain [47] have also been proposed for analyzing crack nucleation in 
fretting. In a different approach, the Ruiz parameter [32] combines the effect of slip together 
with the shear and tangential stress, i.e. parallel to the surface, to predict the location of fretting 
crack nucleation. Clearly, a pertinent parameter is one which correctly predicts the location of 
crack nucleation. Some methods such as the critical plane can predict the orientation of the 
nucleated cracks as well. However, the reported data on the nucleation angle is rather scattered 
[21, 25, 27, 30, 34, 36, 41, 67]. This is believed to be influenced by local factors such as grain 
boundaries and micro-structural orientations, which collectively prevent a conclusive comparison 
with the prediction results. More importantly, a pertinent parameter should provide a direct and 
veritable correlation with the experimentally observed crack nucleation lives.  
In the present study, in accordance with the CDM approach, the thermodynamic damage 
parameter, D, is chosen for the analysis of damage accumulation during the cyclic loading. 
According to the methodology proposed by Bhattacharya and Ellingwood [38], micro-defect 
formation and the concomitant accumulation of damage ensue from variation of the uni-axial 
normal stress in excess of the endurance limit of the material, Se . As stated earlier, the fretting 
crack nucleation occurs on the surface and is confined to a region very close to the contact edges. 
Consequently, owing to a quasi-uniaxial state of stress at the contact edges, the case of fretting-
induced fatigue lends itself readily to uni-axial analysis, an approach successfully adopted by 
other studies [30, 35]. In fact, as opposed to other contact fatigue problems—such as rolling 
contact—very high friction coefficients are normally encountered in fretting [68], which give 
rise to intense and concentrated stresses at the surface near the contact edges. In this regard, 
Lykins et al. [47] found no significant difference between the results obtained by means of 
multiaxal and uniaxial analysis of fretting fatigue using the SWT parameter. It is to be 
emphasized, that the quasi-uniaxial stress field at the contact edges is believed to be dominant 
regardless of the out-of-plane non-zero stress component, yσ ; see Figure 2.4. In fact, this stress 
component, i.e. yσ , is believed to have a minimal effect on the nucleation of fretting cracks that 
normally occurs in the plane. Subsequently, the xσ component at the contact edges remains to be 
the only in-plane stress component oscillating beyond the material’s endurance limit at this 
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location. However, as discussed in the following and in Section 2.3.3, the necessity for 
implementing an averaging technique renders xσ  less propitious for analysis of damage in 
fretting fatigue. The averaging techniques essentially consider a region in contact where the other 
in-plane stress components, i.e. 
zσ  and xzτ , are no longer zero. These non-zero stress 
components can affect the crack nucleation process and, therefore, their effect has to be 
considered as well. To that end, the principal stress components, as the potential nucleation 
parameters, are calculated and examined in detail.  
Shown in Figure 2.5, are the distribution of two principal stress components, i.e. 
1σ  and 2σ , in 
the contact region. Not shown in these graphs, is the third principal stress, 3σ , which is 
essentially equal to the out-of-plane stress component, yσ , in Figure 2.4 and is believed to have 
the least effect on the in-plane crack nucleation. To maintain brevity, the stress distributions are 
plotted here only for one loading case and one loading point (Q=-Q*) during the fretting cycle. 
However, it is necessary to examine the evolution of the principal stresses throughout the 
complete fretting cycle. Two important highlights based on this examination are presented here. 
First, the most intense variations of the principal stresses during a fretting cycle occur at regions 
near the contact edges. Second, the 
2σ stress component always remains negative. Accordingly, it 
is assumed in this study that the second principal stress has a less significant contribution to 
crack formation due to its compressive action [69, 70]. Hence, the first principal stress 
component is chosen for the CDM analysis of fretting crack nucleation. Figure 2.6 presents the 
distribution of the first principal stress range during a complete fretting cycle. Clearly, the 
contact edges are subjected to the maximum variation of the first principal stress.  
 
a       b 
Figure 2.5. Contours of the principal stresses for c/a=0.74, µ =0.9, *QQ −= .  (a) 1σ , (b) 2σ  
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Figure 2.6. Distribution of the first principal stress range, 
1σ∆ , for a complete fretting cycle 
(c/a=0.74, µ=0.9) 
Examination of these stress distributions along with those plotted in Figure 2.4 shows intense 
stress gradients near the surface in the vicinity of the contact edges. It is generally conjectured 
that for damage to occur, such high values of stress must persist in a region of a certain size. 
Often referred to as the averaging zone, the size of this region seems to be more or less 
correlated with the material’s microstructure, and the intensity of the stress gradients. As 
reported by a large number of studies [16, 21-23, 30, 41, 43, 48], the presence of highly localized 
stress extremes in fretting requires one to employ some type of an averaging technique. The 
existence of an averaging zone is indeed in line with the fact that fretting cracks nucleate at some 
point close to but not always at the contact edges [22, 48, 71]. As such, fretting cracks are 
believed to nucleate inside this zone, at a location hosting the most favorable conditions 
depending on the specific local microstructure and the stress field. 
2.3.3. The averaging technique 
Definition of the averaging zone 
The fretting fatigue life is influenced by a so-called contact size effect. This effect is confirmed 
in light of the pioneering work of Bramhall [17], and is also evidenced in more recent studies 
[29, 41, 72]. More pronounced in small contacts, i.e., where large stresses occur over a length 
scale comparable to the material’s microstructure, this effect is found to pose difficulties to 
analyze fretting fatigue experiments using bulk fatigue data. Employing different critical plane 
parameters as well as a variety of multiaxial criteria, many studies have established that 
regardless of the adopted life prediction model, the size effect must be taken into account if a 
reliable estimation of the nucleation life in fretting fatigue is desired [16, 21-23, 30, 41, 48]. 
Among the approaches proposed to resolve the size effect, the averaging technique is more 
appealing owing to its ease of implementation. According to this approach, the nucleation 
parameter is averaged over a specific region, i.e. the averaging zone. The averaged parameter is 
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subsequently used in a fashion identical to the analysis of plain fatigue using the bulk material 
properties. There is, however, no universally accepted definition of the averaging region in terms 
of its size and its shape. Line averaging [48, 73] as well as cubic [16, 21-23, 30, 41, 48, 52] or 
cylindrical averaging volumes [36, 43] have been frequently employed. Similarly, there is no 
unique definition of the length scale used for averaging. However, with the exception of few 
studies [22, 36], many studies contend that this length scale should correspond more or less to 
the material’s grain size. Proudhon et al. [43] introduced a variable size averaging zone to 
account for the experimentally observed nucleation lives and correlated its size with the slip 
width, i.e. cals −= . Interestingly, the averaging length scale is found to depend on the chosen 
life prediction model as well [22]. In view of such issues, the definition of the averaging zone is 
considered to be somewhat tentative, and experimental results are customarily used to define the 
averaging zone of appropriate size.  
Identification of the averaging zone 
In this study, a method is devised for identifying the averaging zone on a more consistent basis 
that can be used in the CDM analysis of fretting crack nucleation. As a central premise in the 
present study, it is assumed that crack nucleation in fretting depends not only on the stress field 
but also on the severity of their gradient, a hypothesis also proposed by others [43, 67]. The 
objective is to find a possible association between the averaging zone and the stress gradients. 
Implementation of an averaging technique, in general, requires a search algorithm to locate an 
averaging zone with the maximum value of averaged nucleation parameters. However, in view 
of the experimental evidence in fretting, it is intuitively clear that the target averaging zone has 
to include the contact edges as the predominant crack nucleation sites. Furthermore, according to 
the distribution of the first principal stress range in Figure 2.6, the averaging zone is assumed in 
this study to be centered on the contact edge as the point sustaining the most detrimental 
variation of the nucleation parameter.  
The results reported by Proudhon et al. [43] are of particular interest to the present study, since 
they suggest possible correlations between the size of the averaging region and the slip width. 
Moreover, a study carried out by Amargier et al. [52] indicates that severe gradients of stress or 
nucleation parameters indeed exist in the slip region. Shown in Figure 2.7 are the gradients of the 
first principal stress plotted for two different loading conditions. The stress gradient is calculated 
via the following formula:   
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a      b 
Figure 2.7. Distribution of the first principal stress gradient, (a) c/a=0.48, µ=1.05, (b) c/a=0.83, 
µ=0.85 
 
As seen in Figure 2.7, manifested in the slip zone are intense stress gradients which extend 
beyond the contact edge. The presence of the highest stress gradients (HSG) in a region near the 
contact edge can be attributed to the discontinuities of the surface traction derivatives at the slip 
zone borders. Therefore, as a first approximation, the HSG region is assumed to be centered on 
the contact edge with a span equal to the slip width; see Figure 2.7. In contrast, the extent of this 
region below the surface is much less with the stress gradients diminishing immediately below 
the surface. Considering the differences in the distributions of the first principal stress and its 
gradient in x and z directions, it is reasonable to anticipate an averaging zone with different 
dimensions in these two directions. Further, unlike the crack nucleation location along the x 
direction, which depending on the local microstructure is at some point close to the contact edge, 
the nucleation location in z direction is more strictly confined inasmuch as the cracks always 
nucleate at the surface. Therefore, the effect of stress gradients in the z direction is believed to be 
negligible compared to the x direction.  Accordingly, it is assumed that the fretting cracks 
nucleate primarily under the influence of the surface stresses and their gradients. The HSG 
region identified here for a cylinder-on-flat contact is an area on the surface rather than a volume 
and extends over the contact length with the width equal to the slip width centered on the contact 
edge. Thus, the span of the HSG region in this study is always assumed to be equal to the slip 
width. As a result, the size and the location of this region can be determined based on the loading 
condition and the material type only. It is noted that due to the two dimensional, i.e. plain strain, 
nature of the contact problem, this area is represented as a line for numerical implementation of 
the averaging technique in Section 2.3.4.  
It is worthwhile to note, that for the case of pure fretting in the present work, either of the 
contact edges can be chosen for analysis due to their identical loading history. However, as 
shown by Hills and Nowell [40], in the presence of bulk stresses, e.g. fatigue loading, the 
distribution of the shear traction ceases to be symmetric due to the shift in the stick zone. Under 
such loading conditions, crack nucleation almost invariably occurs near the trailing edge of the 
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contact. Accordingly, the trailing edge and the corresponding slip zone should be considered for 
fretting crack nucleation analysis.  
The averaging zone concept, in essence, is proposed to capture the effect of high stress 
gradients that occur over a micro-structural length scale. Hence, identification of the HSG region 
is the primary step in defining the size of the averaging zone. To finalize the identification of a 
target averaging zone, the material’s microstructure should be taken into account and compared 
with the HSG region. It is believed that for very large contact sizes, in which the HSG region 
becomes much larger than the material’s microstructure, the stress gradients occurring within the 
microstructural length scale are alleviated and there is no need to carry out the averaging. On the 
other hand, averaging over a HSG region many times smaller than the material’s microstructure 
is unrealistic from the microstructural point of view. In either case, the HSG region cannot 
correctly characterize the averaging zone. Accordingly, it is posited that certain upper and lower 
limits are associated with the averaging zone. Such limits are to be defined here only 
qualitatively, for the exact relation between the averaging zone and the material’s microstructure 
is not yet fully understood. Therefore, it is suggested that as long as the size of the HSG region 
remains comparable to the materials microstructure, it can be used as the averaging zone. 
Configurations involving excessively large or small contacts require a judicious choice of the 
averaging zone size. Particularly precarious, are large contacts where overestimation of the 
averaging zone by the HSG region can lead to non-conservative predictions. In such instances, a 
convenient estimation of the averaging zone by means of the grain size serves to prevent 
potentially hazardous predictions; see Section 2.4. 
As established earlier, the first principal stress, as the nucleation parameter, has to be averaged 
over the averaging zone. It is noted, that different points in the averaging zone experience 
dissimilar values of the principal stress extremes at different times and different principal 
directions during the fretting cycle. However, this difference becomes less pronounced near the 
contact edges. Furthermore, from the macroscopic viewpoint, the averaging zone can be 
interpreted as a means to transform an intensely variable stress state into a uniform equivalent 
state that can be analyzed by means of bulk fatigue data. Accordingly, distinguishing between 
the different points inside the averaging zone is not consistent with its definition. Therefore, 
regardless of such local differences, the averaged parameter serves as a pertinent parameter 
representative of the stress state inside the averaging zone. 
2.3.4. Simulation of the crack nucleation life by CDM 
 
The results of plain fretting tests in three different studies are used to verify the presented 
methodology for analysis of the crack nucleation in fretting. These studies, carried out by 
Proudhon et al. [30, 43] and Fouvry et al. [21] investigate the fretting crack nucleation for two 
pairs of materials which include Al 7075-T6 cylinder versus Al 2024-T351 flat specimen [30, 
43] and a pair of Ti-6Al-4V also in cylinder-on-flat configuration [21]. For each group of 
materials, the flat specimen was chosen for further crack nucleation analysis only. The material 
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types along with their mechanical and cyclic properties are presented in Table 2.1. The Ramberg-
Osgood material parameters, H and M, can be obtained either directly from the cyclic stress-
strain curve or alternatively from the Coffin-Manson’s parameters available in the literature [74]. 
In the present study, the relation between the Ramberg-Osgood parameters and those of the 
Coffin-Manson are used which can be found elsewhere [75]. Also shown in this table are the 
critical damage parameters for the flat specimens, i.e., titanium alloy and Al 2024-T351 [62]. It 
is to be noted, that due to the lack of reported values for the critical damage parameter in case of 
the titanium alloy, two different values of Dc are used for this alloy. Obtained by means of 
different hypotheses such as Elastic Energy Equivalence or Elastic Strain Equivalence, these 
values represent the average theoretical minimum and maximum of the critical damage 
parameter [57].  
Also noteworthy to point out, is that application of the presented methodology is not limited to 
the material types investigated here. However, published experimental works on the fretting 
crack nucleation in other materials—such as steel—involve other contact configurations, e.g. 
sphere on plane, or include the bulk stress effect [7, 41, 50, 51, 76] the analysis of which merits a 
separate study.  
Table 2.1. Mechanical and cyclic material properties [21, 30, 43, 74], [57, 62] 
Material type E (GPa) ν eS (MPa) yS (MPa) H (MPa) fσ  (MPa) M Dc 
Ti-6Al-4V 119 0.33 450 970 1986 1719 9.26 0.1, 0.4 
Al 2024-T351 72.4 0.33 140 325 851 684 10.2 0.1 
The experimental procedure as explained in detail in Refs. [21, 30, 43] involves plain fretting 
tests in partial slip regime conducted on a servo-hydraulic test machine. These tests feature two 
important categories of experiments that are individually used here to establish the validity of the 
methodology proposed in this study for fretting crack nucleation analysis. The first type of 
experiments [21, 30] were aimed at identifying the crack nucleation boundary, i.e., the critical 
amplitude for the tangential force, Q*, that results in crack nucleation after a specified number of 
cycles for a given normal force, P. To that end, tests were carried out [21, 30] and stopped at the 
specific number of cycles, Nn, to inspect the specimen for nucleated cracks. Normal loads 
covering a relatively wide range were applied. The critical value of the tangential force 
amplitude resulting in crack nucleation was obtained by changing its value in a trial-and-error 
fashion. These tests were carried out on Al 2024-T351 for 
4105×=nN [30] and on Ti-6Al-4V 
with 
6101×=nN [21].  
The second type of tests [43] were conducted similar to the first type but with the objective of 
finding the number of cycles to crack nucleation for the given normal and tangential forces. 
These tests were carried out on Al 2024-T351 and the results are explicitly reported for the 
normal load of 400 N/mm [43]. The resolution for detection of a nucleated crack is reported to be 
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10-20 µm, which was achieved by means of SEM observations and optical cross-section 
examinations. 
In the present study, a computer code is developed using MATLAB to carry out the simulations 
conforming to the experiments. The computer program consists of a core subroutine that 
calculates the surface tractions for a given set of input parameter to obtain the stress 
distributions. These stresses are computed in small increments throughout the fretting cycle. The 
input parameters are dictated by the nature of the simulation. For the first type of experiments, in 
which a cracking boundary is to be defined, the input parameters include the contact and material 
properties, the normal force and the number of cycles to crack nucleation. In simulations 
pertaining to these experiments, the program assumes an initial value for the tangential force 
amplitude which is usually taken to be equal to µP/2. Having all the input parameters, the 
program calculates the variation of the first principal stress during a complete fretting cycle. 
Next, the maximum and the minimum of first principal stress are identified for the location of 
interest, i.e. the contact edge or the averaging zone, and used for calculating the stress and strain 
range parameters assuming a Ramberg-Osgood type hysteresis curve [38]; see Figure 2.2. 
Subsequently, the evolution of the damage in each fretting cycle is obtained based on Eqs. 5 and 
6. By means of a trial-and-error procedure, the critical tangential force amplitude is determined 
which results in cNi DD n == .  
To perform the simulations corresponding to the second type of experiments, i.e. in those that 
the number of cycles to crack nucleation is obtained as a function of normal and tangential force, 
the program receives the tangential force amplitude as the input parameter instead of the number 
of cycles to nucleation. A similar computational procedure is employed, with the only difference 
that the solution in case of these simulations is straightforward and continues until the condition 
Di = Dc is reached at which point the value of i index represents the number of cycles to 
nucleation. The material properties are taken from Table 2.1. The other input parameters for each 
category of tests are also specified with regard to the experiments and are summarized in Table 
2.2. 
Two different series of simulations, i.e. local and non-local, are performed for each category of 
tests. To carry out the former, the value of the first principal stress at the contact edge is chosen 
for analysis. For the non-local analysis, an additional step is required to average the principal 
stress over the averaging zone which is identified for each simulation according to the 
methodology proposed in Section 2.3.2.  
Table 2.2. Input parameters for simulations 
Simulation 
objective 
Material type 
Normal force 
(N/mm) 
Tangential 
force (N/mm) 
Nn µ 
R 
(mm) 
Contact 
length (mm) 
Critical tangential 
force 
Ti-6Al-4V 40-550 N/A 1×106 0.84-1.2 10 3.0 
Al 2024-T351 110-700 N/A 5×104 1.1 49 4.4 
Number of cycles 
to nucleation 
Al 2024-T351 400 90-250 N/A 1.1 49 4.4 
20 
 
The computation domain for the non-local analysis is a line on the surface defined by 
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a +≤≤− , with 100 mesh points. Higher and lower mesh sizes were also tried but 
only to ascertain that the chosen size provides mesh independent results within a reasonable 
computation time. The maximum solution time is required by the first type of simulations which 
involve trial-and-error procedure. Depending on the initial guess for the tangential force 
amplitude, these simulations can take between 10-45 minutes to reach the solution. Faster are the 
second types of simulations which take about 3 minutes to complete. The solution in case of the 
local analysis is achieved within only few seconds. These simulation times are achieved using a 
computer equipped with 3.2 GHz processor and 4 GB of memory. Presented and discussed in the 
next section are the results of crack nucleation analysis by the virtue of the aforementioned 
methodology. 
2.4. Results and discussion 
The crack nucleation boundaries predicted by means of the CDM approach are plotted in 
Figures 2.8 and 2.9 and are compared with the published experiments for each category of tests 
separately. The experimental data points in Figure 2.8 represent the crack nucleation boundary 
explicitly determined in the corresponding study [21]. The same type of results is presented in 
Figure 2.9, however, by providing a narrow band between the cracking and no cracking zones 
[30]. In accordance with the Ref. [43], another series of simulations are carried out to predict the 
evolution of the number of cycles to crack nucleation as a function of the tangential force 
amplitude. In these simulations, for the normal force value of 400 N/mm, different tangential 
force amplitudes are used. The results of these simulations are presented and compared with the 
experiments in Figure 2.10. 
 
Figure 2.8. CDM predictions of the crack nucleation boundary versus the normal force for Ti-
6Al-4V, Nn=1×106 (a) non-local analysis with Dc=0.4, (b) non-local analysis with Dc=0.1, (c) 
non-local analysis with Dc=0.4 and µ=0.9, (d) non-local analysis with Dc=0.1 and µ=0.9, (e) 
local analysis with Dc=0.4, (f) local analysis with Dc=0.1. 
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Figure 2.9. CDM prediction of the crack nucleation boundary versus the normal force for Al 
2024-T351, Nn=5×104  (a) non-local analysis, (b) local analysis. 
 
Figure 2.10. CDM predictions of the number of cycles to crack nucleation versus the tangential 
force amplitude (P=400 N/mm) for Al 2024-T351, (a) non-local analysis with normal averaging 
zone, b) non-local analysis with controled averaing zone, (c) local analysis. 
 
As noticed in Figure 2.8-2.10, the predictions by means of the non-local CDM analysis are in 
good accord with those obtained experimentally. The local analysis, in contrast, yields 
predictions that significantly differ from the experiments. In line with many other studies, this 
result is indicative of the influence of stress gradients on the fretting crack nucleation and attests 
to the necessity of including their effect in the analysis. It is reminded again, that due to the lack 
of data on the critical damage parameter for the titanium alloy, the simulations are carried out 
using the maximum and minimum values of this parameter, i.e. Dc=0.1 and 0.4 respectively. 
Nevertheless, as demonstrated in Figure 2.8, the predictions are found to be fairly insensitive to 
the critical damage parameter. This is, in fact,  expected in view of the increasing rate of damage 
growth as shown by Bhattacharya and Ellingwood [38]. In fact, at relatively large values of 
22 
 
damage, i.e. D≥0.1, the rate of damage growth is very high, such that it takes comparatively less 
number of cycles to increase the damage further. 
It is worthwhile to mention that, for the predictions in Figures 2.8 and 2.9, the size of the 
predicted averaging zone increases with decreasing the normal load. For predictions in Figure 
2.8, the size of the averaging zone varies from 37 to 118 µm for the titanium alloy with a 
reported average grain size of 20-30 µm [21]. Referring to Figure 2.9, the prediction of the 
nucleation boundary for the aluminum alloy with the average grain size of 150 µm [30, 43] is 
obtained using averaging zone sizes of 150-418 µm. For the case of prediction of the number of 
cycles to crack nucleation in Figure 2.10, the averaging zone size varies from 118 to 269 µm as 
the tangential force amplitude is increased. 
Comparison of the evolution of the crack nucleation boundaries in Figures 2.8 and 2.9 reveals 
another salient feature of these results. Interestingly, the crack nucleation boundaries follow a 
different trend comparing the aluminum and the titanium alloys. That is, upon increasing the 
normal pressure, the crack nucleation boundary is found to increase in case of titanium alloy 
which is contrary to the trend observed for the aluminum alloy. This is evident comparing the 
predictions according to curve a or b in Figure 2.8 with curve a in Figure 2.9. This difference can 
be ascribed to the relatively higher dependence of the friction coefficient on the normal pressure 
in case of the titanium alloy. In fact, as reported by Fouvry et al. [21], the friction coefficient for 
this alloy is found to decrease with the normal pressure. As seen in Figure 2.8, incorporating the 
same frictional behavior for titanium alloy in the simulations, the CDM approach is able to 
closely predict the observed crack nucleation boundary for this alloy. However, if a constant 
friction coefficient is used alternatively, the evolution of the crack nucleation boundary will 
become similar to that of the aluminum alloy. The dashed lines in Figure 2.8 present predicted 
crack nucleation boundaries obtained assuming a constant friction coefficient of 0.9 
corresponding to the normal force of 283.33 N/mm [21]. The increasing cracking boundary with 
the normal pressure also persists in the predictions based on local analysis, which are obtained 
using the variable friction coefficient only.  However, as illustrated in Figure 2.9, this is in 
contrast to the aluminum alloy in which case the local analysis predicts the cracking boundary to 
be fully independent of the normal pressure. The local analysis, in fact, uses the contact edge 
stress which exclusively depends on the tangential force and the friction coefficient. This, 
obviously justifies the vertical cracking boundary predicted for the aluminum alloy by local 
analysis using a constant friction coefficient reported in the corresponding study [30]. 
Figure 2.10 presents another type of predictions corresponding to the evolution of the 
nucleation life with respect to the tangential force amplitude. Reminiscent of the well-known S-N 
curves in plain fatigue, certain levels of tangential force amplitude are observed in both of the 
local and non-local analysis, which correspond to the infinite nucleation life, i.e. Nn ≥1×106. 
Although the range of the experimental results is not sufficiently wide to clearly identify such a 
plateau for the tangential force amplitude, the extrapolation by curve fitting indicates a similar 
trend in the experimental results; see Figure 2.10. As discussed in the next paragraph, the 
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predictions based on the non-local analysis in Figure 2.10 are obtained using two different 
settings regarding the size of the averaging zone. 
Analysis of these results demonstrates that by the virtue of the proposed non-local analysis, the 
CDM approach is capable of predicting the evolution of the nucleation boundary observed in the 
experiments for both the titanium and aluminum alloys. The good capability of the proposed 
methodology in the analysis of fretting crack nucleation is believed to be also associated with the 
variable surface averaging zone defined in the present study. As mentioned earlier, the size of the 
averaging zone determined for a given loading condition has to be checked to ensure that it does 
not exceed a certain limit which is closely related to the material’s microstructure. However, at 
this point, identification of such a limit is fraught with uncertainties associated with the nature of 
the interaction between the material’s microstructure and the high stress gradients. Nevertheless, 
if the material’s grain size is assumed to be an influential parameter in such an interaction, it can 
be used to check against the averaging zone size. Accordingly, the distribution of the grain size 
in the material would have a substantial effect in identifying the size of the averaging zone. Next, 
one can assume that the grain size rarely varies more than an order of magnitude throughout the 
volume. As a result, an upper and lower limit can be estimated for the averaging zone. Yet such 
limits were never reached for the loading conditions used in this study. In fact, the span of the 
averaging zone is predicted to vary between 37-118 µm for the titanium alloy with a mean grain 
size of 20-30 µm [21]. For the aluminum alloy the averaging zone size varies between 118-418 
µm which is comparable to the reported average grain size for this material, 150 µm [30, 43]. 
However, in contrast to the titanium alloy, the predicted size of the averaging zone for the 
aluminum alloy becomes smaller than the average grain size for a few loading conditions in this 
study. As mentioned earlier, these conditions occur for prediction of the number of cycles to 
crack nucleation presented in Figure 2.10. According to this figure, for the tangential force range 
of 115-255 N/mm, the size of the predicted averaging zone increases monotonously from 118 to 
269 µm. Predictions based on this range of averaging zone size are presented by curve a in 
Figure 2.10. To examine whether the grain size can be used as a lower limit for the averaging 
zone size, another series of simulations are carried out in which the size of the averaging zone 
was not allowed to become less than 150 µm, i.e., the average grain size for the aluminum alloy. 
Accordingly, this new criterion is triggered for tangential force amplitudes of less than 152.3 
N/mm. Presented by curve b in Figure 2.10 are the predictions obtained in this fashion. As seen, 
application of the new composite criterion improves the predictions. Hence, for either of the two 
material types considered, the grain size appears to possess a safe lower limit for the averaging 
zone size. In fact, considering the averaging zone which is centered on the location of the highest 
first principal stress, a smaller averaging zone size leads to a higher nucleation parameter and 
thus safer predictions. 
Another prominent feature of the CDM crack nucleation predictions presented in Figure 2.8-
2.10, is manifest in the fact that the predicted crack nucleation boundaries are always below the 
experimental nucleation boundary. In view of the size effect in fretting, such a trend is of course 
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expected for the predictions obtained by local analysis. However, as noticed in Figures 2.8 and 
2.9 and markedly in Figure 2.10, the non-local analysis also leads to a slight under-prediction. 
Although not considered hazardous to implement, such a small under-prediction of the cracking 
boundary can be attributed to two primary reasons. One possible cause for the slightly offset 
predictions is believed to be associated with the experimental procedure for identifying the crack 
nucleation boundary. As reported in the corresponding studies, due to the trial-and-error process, 
a large number of tests are required for identifying the experimental nucleation boundaries, and 
certain tangential force increments must be used [21, 30] to narrow down the nucleation 
boundary within a reasonable number of tests. Moreover, the resolution of any experimental 
technique used for detection of a nucleated crack is inevitably subject to limitations. Although a 
relatively fine resolution, i.e. 10-20 µm [21], was achieved in the experimental studies, the 
employed method is incapable of detecting shorter nucleated cracks. Therefore, it is quite 
possible that the nucleation boundary for a given number of cycles is lower and closer to the 
values predicted by the CDM analysis. In fact, identification of a nucleation size still continues 
to be a topic for debate, emphasizing the need for special methods such as CDM which are 
independent of the crack size. Overall, such issues can collectively influence the accuracy of the 
reported nucleation boundaries. From theoretical predictions viewpoints, the second possible 
source of discrepancy between the experiments and predictions can be related to the definition of 
the averaging zone in this study. The averaging zone is identified in the present study via 
examination of the first principal stress and its gradient, and is believed to be well capable of 
accounting for the observed size effect in fretting. However, finding the size of the averaging 
zone to exactly fit the experiments is not an objective of the present study. Alternatively, it has 
been attempted here to examine the averaging zone concept from a new perspective which 
facilitates its definition in a more consistent manner. Yet more detailed investigation considering 
the microstructure of the material and its interaction with the local stress field has to be carried 
out in order to afford a more precise assessment of the averaging zone. 
2.5. Conclusions 
The present study demonstrates the high capability of the CDM approach and the proposed 
methodology for the analysis of fretting crack nucleation. This is achieved by comparing the 
predictions with three different series of experiments employing two different alloys, a wide 
range of loading conditions, and number of cycles to crack nucleation.  
Compared to the other existing approaches, the CDM approach is believed to be well amenable 
to crack nucleation analysis in view of its definition of damage which is independent of the flaw 
size. However, in addition to the cyclic material properties also needed by other methods, the 
CDM approach requires a critical damage parameter to identify the onset of crack nucleation. 
This parameter, unlike many other material data is not reported for a wide range of materials in 
the open literature. Fortunately, the critical damage parameter for every material can be readily 
determined via simple experimental tests. In addition, as it transpires in the present work, the 
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exact evaluation of this parameter is not expected to significantly improve the accuracy of the 
predictions. 
The presence of high stress gradients in the fretting contact mandates the application of an 
averaging technique in the CDM approach as well. However, in contrast to the other approaches 
such as multi-axial and critical plane, the methodology proposed here requires only the surface 
stresses for analysis and, in effect, is computationally less expensive. 
It is believed that high stress gradients also play a very important role in fretting crack 
nucleation. Accordingly, the averaging zone is defined in this study based on the location of the 
highest first principal stress and its gradient. The reliable predictions obtained as a result of 
implementing this technique validate the proposed methodology for a priori assessment of an 
otherwise tentatively defined averaging zone. 
In application of the present methodology for quantification of crack nucleation in fretting, 
special attention should be made to check the predicted averaging zone size versus the material’s 
microstructure. The average grain size appears to be a suitable measure for this purpose. Should 
the averaging zone size be very larger or smaller, it ceases to have a physical significance. In 
such cases, the average grain size seems to be a safe lower limit for the size of averaging zone. 
2.6. Nomenclature 
a contact half width (µm) 
b half width of the instantaneous stick zone (µm) 
c stick zone half width (µm) 
D  damage parameter 
0D   initial damage  
cD  critical damage  
iD  damage in the ith cycle 
)(nD  damage in the plane with the normal vector of n  
dA undamaged elemental area (m2) 
∑ idA  damaged elemental area (m2) 
E  nominal (undamaged) elastic modulus (GPa) 
E′  effective (damaged) elastic modulus (GPa) 
H  cyclic hardening modulus (MPa) 
sl  slip width (µm) 
M  cyclic hardening exponent 
n  the vector normal to the elemental area 
nN  number of cycles to crack nucleation 
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jn  normal vector in j direction 
P  normal contact force (N/mm) 
)( xp  normal pressure distribution in the contact area (MPa) 
0p  maximum Hertzian contact pressure (MPa) 
Q  tangential contact force (N/mm) 
*Q  amplitude of the oscillating tangential force (N/mm) 
)(xq  tangential traction distribution in the contact area (MPa) 
R∂  boundary of the body 
eS  endurance limit Material (MPa) 
yS  yield stress (MPa) 
iT  traction over the boundary 
x,y,z spatial coordinates 
δ  relative displacement between the contacting pair (µm) 
*δ  maximum relative displacement between the contacting pair (µm) 
ijε  strain tensor 
oiε∆  threshold strain range of damage increment in cycle ith 
liε∆  strain range of damage increment in cycle ith corresponding to zero stress 
in the hysteresis loop 
miε∆  maximum strain range of damage increment in the ith cycle  
µ  friction coefficient 
ν Poisson’s ratio 
σ  nominal (undamaged) normal stress (MPa) 
σ ′  effective (damaged) normal stress (MPa) 
fσ  true failure stress (MPa) 
maxσ  maximum value of the cyclic stress (MPa) 
minσ  minimum value of the cyclic stress (MPa) 
xσ , yσ , zσ  stress components in x,y and z directions (MPa) 
1σ , 2σ , 3σ  principal stress components (MPa) 
xzτ  shear stress in xz plane (MPa) 
Dψ  derivative of the Helmholtz free energy function with respect to the 
damage parameter 
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Chapter 3: Prediction of Crack Nucleation in Rough Line-Contact 
Fretting Fatigue: A Continuum Damage Mechanics Approach† 
 
 
 
3.1. Introduction 
Fretting fatigue is frequently reported in a diverse range of engineering applications where 
seemingly static contacting surfaces are subjected to vibration or cyclic loading. Among notable 
examples of such applications are dovetail joints in gas turbine engines [1-5], bolted or riveted 
lap joints [6-8] and spline couplings [9]. The cyclic nature of the contact stresses in such 
components promotes nucleation of the surface cracks that can subsequently grow and lead to 
premature and often catastrophic failure. Therefore, during the last two decades, numerous 
research studies have been directed toward understanding of the fretting fatigue so as to improve 
the service life of such key engineering components. Today, the existing body of knowledge on 
the fretting fatigue has substantially advanced particularly with regard to the testing and analysis 
techniques [10]. These advances notwithstanding, prediction of the fretting fatigue life continues 
to be a complicated task with instances of failure still being reported in service [10, 11]. 
The fatigue life of engineering components, by and large, is comprised of two markedly 
different portions, namely the nucleation and the propagation of fatigue cracks. While the 
existing methodologies for analysis of the propagation phase are well established and 
documented [12], the analysis of crack nucleation is less advanced, primarily, due to the elusive 
nature of the crack nucleation phenomenon. Perusal of the literature on the quantification of 
crack nucleation reveals that the definition of crack nucleation is largely provisional [13] and as 
such remains the subject of ongoing research studies. This issue, in fact, lends a tentative quality 
to the analysis of fretting fatigue, where nucleation of the surface cracks often constitutes a 
significant portion of the components’ useful service life [4, 14-18]. In view of the catastrophic 
consequences that may arise due to fretting fatigue failure, the crack nucleation, as the preceding 
phase in fretting fatigue, is regarded as tantamount to complete failure. Accordingly, the 
quantification and prediction of the fretting crack nucleation becomes a critical part of any 
realistic design process.  
A salient aspect of crack nucleation, specific to the fretting fatigue, is the fact that crack 
nucleation is predominantly controlled by the stresses at the contact region and not just by the 
remote bulk stress. As a result, the local surface topography has an overwhelming influence on 
the fretting crack nucleation for it effectively determines the stress distribution at the contact 
region. An experimental study by Proudhon et al. [19] demonstrates the adverse effect of surface 
                                                           
† Reprinted by permission from Tribology Letters, Springer (see Appendix) 
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roughness on the crack nucleation life in fretting. In fact, real surfaces in almost every 
engineering application are inevitably rough at microscopic level. However, review of the open 
literature reveals that the modeling and prediction of crack nucleation is often carried out for 
ideally smooth surfaces [14, 16-18, 20-33], and surprisingly, only very few studies consider the 
effect of surface roughness in prediction of the fretting crack nucleation [34, 35]. Therefore, even 
though the studies on smooth surfaces have been truly indispensable in fundamental 
understanding of the fretting crack nucleation, there remains a need for new modeling techniques 
to successfully simulate and predict the fretting crack nucleation in rough surfaces. 
Analysis and quantification of fretting crack nucleation is customarily carried out by means of 
multi-axial fatigue criteria such as the Smith-Watson-Topper [36] or the Fatemi-Socie [37] 
criterion. Prediction of the crack nucleation according to any of these criteria is believed to carry 
a certain degree of approximation in view of their definition of a nucleated crack which does not 
entirely exclude the propagation phase [36, 38, 39]. The present study, in contrast, employs a 
thermodynamically-based continuum damage mechanics (CDM) approach to simulate the 
accumulation of damage and nucleation of fatigue cracks under rough surface fretting condition. 
The unique feature of this approach that is particularly amenable to analysis of crack nucleation 
is its definition of damage, which is entirely independent of the crack size. The application of the 
CDM approach in tribological applications involving smooth surfaces has been demonstrated in 
a series of recent studies [20, 26, 40-42] . The present study employs the thermodynamic 
framework developed by Bhattacharya and Ellingwood [13] to predict the number of cycles to 
crack nucleation in rough surfaces under fretting loading condition. Surface tractions are 
calculated in a deterministic fashion to obtain the exact distribution of the contact stresses and to 
calculate the accumulation of cyclic damage. The analysis is carried out within a non-local 
framework via systematic identification of the averaging zone to resolve the effect of high stress 
gradients. To evaluate the validity of the approach, the predictions are compared with the 
experimental crack nucleation behavior reported by Proudhon et al. [19] for different surface 
roughness values. 
3.2. Theory 
The methodology adopted in this study, involves application of a deterministic approach to 
treat the problem of rough surfaces in line-contact configuration. The deterministic approach is 
deemed necessary in problems where the exact distribution of surface tractions and stresses are 
required. The stresses obtained in this fashion will be used in the CDM technique to calculate the 
number of cycles to crack nucleation. In this section, the details and formulations of the 
deterministic approach will be presented first, and the details of the CDM theory will follow. 
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3.2.1. Deterministic analysis of contact 
Normal pressure 
 
We begin by assuming two cylindrical contact counterparts in plain-strain line-contact 
configuration. A composite roughness profile, Λ(), is assumed  as a function of the X 
coordinate (along the contact width); see Figure 3.1. It is noted that all of the surface parameters 
in the present section are defined and used in dimensionless form in this study; see the 
Nomenclature for the definitions. Referring to Figure 3.1, the separation between the two 
surfaces, (), can be expressed by: () =  + 	
   −    () ln(| − |)  + Λ()    (1) 
() = 0, () ≥ 0 if	 ⊂ Ω$        (2) 
() ≥ 0, () = 0 if	 ⊄ Ω$        (3) 
where &' is the normal force, () is the pressure distribution along the contact width, Ω$ 
represents the contact domain, and  is the integration constant, i.e. the approach of the two 
bodies, to be determined later by the load balance equation: 
 ()() =           (4) 
 
 
 
Figure. 3.1. Rough line contact of a smooth cylinder versus a rough flat surface 
The plastic deformation of the surface asperities is considered in this study should the value of 
local pressure exceeds the softer material’s hardness. This is achieved by considering an elastic-
perfectly plastic behavior for the material. In this fashion, the asperity tips deform elastically up 
to a certain limit, i.e. material’s hardness, beyond which they are assumed to deform perfectly 
plastic. Accordingly, the following conditions—in dimensionless form—are enforced on the 
pressure distribution: () = ()  if	() < ℋ(, &'⁄ )./      (5) 
() = ℋ(, &'⁄ )./ if	() ≥ ℋ(, &'⁄ )./      (6) 
where ℋ is the dimensionless hardness.  
&' 
&0 1 
() 
 2 
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Tangential traction 
Under partial-slip condition, the contact region is comprised of an inner stick zone surrounded 
by a region of slip. The solution for the tangential traction, 3(), for elastically identical bodies 
in general plane contact under monotonic tangential loading, is given by Ciavarella [43] and 
Jaeger [44]: 3() = 45() − ∗(X)8         (7) 
where 4 is the friction coefficient and ∗(X) is the corrective normal pressure, which is 
analogous in form to the normal pressure distribution, but for a smaller normal force value, &'∗ 
[43, 44]. Knowing the value of the total tangential force, &0, the value of &'∗ can be readily 
obtained by integrating Eq. 7 over the entire contact region: &'∗ = &' − &0 4⁄           (8) 
Equations 7 and 8 pertain to monotonic tangential loading of the contact. In the partial-slip 
fretting contact, however, the tangential force oscillates between two extreme values (+&0 and  −&0) , and hence, causes cyclic variation in the size of the stick zone. To find the tangential 
traction corresponding to the instantaneous tangential force, 9, (−&0 ≤ 9 ≤ +&0), let us assume 
that the tangential force reduces from +&0 to 9. Due to this reduction, reverse slip occurs at the 
edges of contact where the of tangential traction becomes −4(). This reduction can be 
envisioned to occur as a result of an imaginary opposite tangential force, ∆9 = +&0 − 9 with the 
corresponding tangential traction of −24() in the new reverse slip zone [15]. This new 
reverse tangential traction results in formation of a new stick zone, and may be expressed by 
analogy with the Eq. 7: ∆3() = −245() − ∗∗(X)8        (9) 
where ∗∗(X) is the corrective tangential traction corresponding to the new stick zone. The value 
of the normal force corresponding to ∗∗(X) can also be obtained: &'∗∗ = &' − ∆9 24⁄           (10) 
For the loading half cycle, the problem is treated in the same way with the only difference that ∆9 = +&0 + 9. The general solution to the tangential traction during cyclic partial-slip fretting, 3$=(), can now be formulated as follows: 3$=() = ±53() − ∆3(X)8 = ±45−() − ∗(X) + 2∗∗(X)8    (11) 
where the positive and negative signs correspond to the unloading and loading portions of the 
fretting cycle, respectively.  
The pressure and tangential traction distributions obtained in this section will be used later to 
calculate the surface stresses required for the CDM analysis. The remaining part of this section 
reviews the essentials of the CDM theory used in this study. 
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3.2.2. The CDM formulation 
Characterization of materials’ degradation via thermodynamic principles has become the focus 
of many recent studies in many engineering disciplines [13, 45-47]. In tribology the application 
of the thermodynamic approach provides a universal tool for the assessment of surface and sub-
surface damage growth in a variety of contact configurations [20, 26, 40-42]. Analysis of crack 
nucleation, in particular, can be successfully carried out by virtue of the thermodynamically- 
based CDM approach. In the present study, the thermodynamic framework proposed by 
Bhattacharya and Ellingwood [13] is adopted. This specific CDM technique is experimentally 
verified and is preferred in this study inasmuch as it utilizes the pre-existing materials data in 
contrast to other techniques that rely on user-defined new material properties. The essential 
underlying premise and the theoretical formulations of this technique are presented in the 
following. For a detailed review of the theory the reader is referred to Refs. [13, 48]. 
According to the CDM theory, the state of damage in the material is characterized based on a 
macroscopic state variable, ?. Also known as the damage parameter, ? is a continuous 
thermodynamic internal variable. The damage parameter is, in general, a tensorial variable, and 
is quantified by the total surface density of the micro-cracks and micro-voids, ∑A̅C , that exist 
on an elemental cross-sectional area, A. Assuming an isotropic state of damage in the material, 
the damage parameter becomes a scalar quantity: ? = ∑DE̅FDE            (12) 
The relationship between the nominal normal stress, G, and the effective normal stress, GH, acting 
on the effective undamaged area can be given by: GH = IJ           (13) 
Using the strain equivalence principle [49], the effective Young’s modulus of the damaged 
material, KH, can be expressed in terms of the nominal Young’s modulus, K: KH = K(1 − ?)          (14) 
According to the CDM theory, the intact material is assumed to be damage free (? = 0) and 
continuous. As the damage accumulates, the material is assumed to maintain its continuity, 
however, only up to a certain point when the damage parameter reaches its critical value,  ?$ ≤1. From the vantage point of CDM theory, this critical state of material does not represent 
fracture. Rather, it specifies a condition at which the material is sufficiently degraded such that 
the continuity is lost due to formation of cracks. The critical value of the damage parameter is 
deemed to be an intrinsic property of the material, which can be determined by means of simple 
experiments [13, 20, 49].  
Using the Helmoltz free energy function, M, and employing the laws of thermodynamics, 
Bhattacharya and Ellingwood have derived the following general damage growth law in a 
deformable body:  
39 
 
9C + MJ NJNOFP QR = 0; 		on	U1         (15) 
where 9C is the traction on the boundary Uℛ, MJ is the derivative of the Helmholtz free energy 
with respect to ?, WCR represent the strain tensor and QR  stands for the normal vector in X 
direction. The solution to Eq. 15 can be obtained in closed form for the case of cyclic uniaxial 
loading [13]: 
?C = Y1 − (1 − ?C)&C								if	G\]^ ≥ _?C																																			otherwise       (16) 
where 
&C = ( f⁄ )gh∆OiFhjh k⁄ ∆OlFh k⁄ mOiFnF( f⁄ )gh∆OoFhjh k⁄ ∆OlFh k⁄ mOoFnF        (17) 
and 
pC = 3 Irs − ∆OiFhjh k⁄ f⁄ + ∆W=C f⁄ ΔWuC        (18) 
In the above equations G\]^ is the maximum cyclic stress, _ and Gv are the endurance limit 
and the true failure stress of the material respectively. The parameters w represents the cyclic 
hardening exponent and = 2 f⁄ $ , where $ is the cyclic hardening modulus. The strain 
range parameters in Eqs. 17 and 18 are briefly defined in the nomenclature. For a detailed 
description of these parameters the reader is referred to Ref. [13, 48]. 
It must be noted that despite the presence of multiaxial stresses in contacting bodies subjected 
to fretting, the uniaxial solution is preferred in this study inasmuch as the fretting cracks 
normally nucleate at the contact edges [18, 23, 25, 50-54] where a quasi-uniaxial stress state 
prevails [17-20, 54]. Also worthwhile to note is that the presented CDM technique assumes an 
elasto-plastic material behavior, albeit the stresses in the material may very well remain elastic. 
In fact, when the stress exceeds the endurance limit, damage occurs in the microscopic scale 
where the material is assumed to behave elasto-plastically [49].  
3.3. Numerical Procedure 
3.3.1. Calculation of the surface tractions 
The formulations presented in the preceding sections are implemented in a MATLAB computer 
code for numerical calculation of the surface tractions, the stresses and ultimately the evolution 
of cyclic damage under partial-slip fretting loading condition. To accomplish these tasks, the 
surface roughness profile, Λ(), is generated using a numerical procedure reported in [55]. This 
method uses randomly generated asperity heights with the given standard deviation, 1x, in 
accordance with a Gaussian distribution to generate  the surface roughness profile. Random 
generation of the surface profile based on the statistical surface characteristics such as 1x is 
necessary to produce generalized results [56].  
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Having generated the surface profile calculations of the surface tractions are carried out by 
solving Eqs. 1 and 4 simultaneously. Accordingly, considering the requirement in Eqs. 2 and 3, 
the following system of equations are solved numerically over an initial computational domain 
whose dimensionless width is three times that of the Hertzian contact (−1.5 ≤  ≤ 1.5): 
z + 	F
   −   ∑ R{CR∆'R| + ΛC = 0;							(} = 1. . Q)~Δ ∑ R'R| −  = 0																																																																															    (19) 
where {CR can be written as follows assuming constant pressure over ∆ [57]: {CR = R − C + ∆2  ln R − C + ∆2  − 1	− R − C − ∆	  ln R − C − ∆	  − 1          (20)  
and ~ is a scaling factor equal to one when calculating (). However, as defined in the 
following, ~ assumes values less than unity when calculating the corrective pressure terms, i.e. ∗ and ∗∗.  
To start the solution, a positive uniform pressure and a negative value for 	are assumed in 
order to initialize the engagement of the contacting surfaces. The Newton-Raphson algorithm is 
then employed to solve the system of equations in Eq. 19. The solution results are subsequently 
used to update the contact domain and the pressure distribution for the next iteration. This 
procedure is continued until convergence is attained. Next, the conditions in Eqs. 5 and 6 are 
enforced on () to consider the effect of plastic deformation. Using the new pressure profile, 
the iterative solution is again repeated until the results for pressure converge. The specified 
tolerance for both the elastic and plastic parts is 1×10-3. 
For calculation of the tangential traction according to Eq. 11, the corrective pressure terms, ∗() and ∗∗(), have to be determined. The numerical procedure required for this purpose is 
essentially similar to calculation of the elastic pressure distribution, however, with the following 
modifications: ~ = ∗ = 1 −  ;  for ∗        (21) ~ = ∗∗ = 1 −  ± ;  for ∗∗        (22) 
Figure 3.2 shows the distribution of pressure and the tangential traction obtained for an ideally 
smooth and a rough surface, represented by the dimensionless roughness, 1x, 1×10-8 and 4×10-6 
respectively. As seen, for the case of ideally smooth surface, the numerically calculated surface 
tractions exactly match the analytical solution. The tractions in rough contact, on the other hand, 
are found to significantly deviate from the Hertzian solution due to the local spikes in their 
distribution. It is also observed that the distribution of pressure and tangential traction in the 
rough surface lacks symmetry in contrast to the case of smooth surface. 
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   a       b 
Figure. 3.2. The pressure and tangential traction distributions for (a) ideally smooth surface, (b) 
rough surface (&'=1.5×10-4 , &0=5×10-5, ℋ=0.062, 4=0.6) 
3.3.2. CDM calculations 
Having obtained the pressure and tangential traction profiles, the contact stresses can now be 
calculated by means of the stress formula for elastic plain-strain line contact [58]. As evidenced 
by numerous research studies, it is known that the overall state of stress at the fretting contact is 
multi-axial. Nevertheless, in view of the quasi-uniaxial state of stress near the crack nucleation 
site, i.e. the contact edges, it is also possible to investigate the fretting crack nucleation within the 
framework of a uniaxial analysis [4, 18-20]. In a comprehensive analysis of the stresses in 
smooth line-contact fretting, it was shown in a previous study [20] that the first principal stress, G, can be successfully used to predict the fretting crack nucleation via CDM analysis. 
Furthermore, it was shown in the same study that the first principal stress has to be averaged over 
a so-called averaging region so as to resolve the effect of high stress gradients and to obtain 
realistic predictions of the crack nucleation life. To this end, a special averaging zone was 
defined in a systematic fashion, which was found to yield consistent predictions of the crack 
nucleation life [20]. Following the same definition, the averaging region is defined in this study 
as an area on the contact surface which is centered on the point of maximum first principal stress, 
and has a width equal to that of the slip region. Using this averaging region, the average value of 
the first principal stress is: G = 	
	h  G	
	h          (23) 
where and  specify the boundaries of the averaging zone (Figure 3.3) and can be given by , = \ ± =C where \ is the location of the maximum value of the first principal stress 
and =C represents slip width at the maximum value of the tangential force. As observed in 
Figure 3.3, the maximum value of G occurs exactly at the contact edge for the ideally smooth 
surface. For the case of rough surface, however, the maximum value of G is always very close to 
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but not necessarily at the contact edge. This is, in fact, confirmed by checking the results for 
different surface profiles, not shown here for brevity. It is also noted that, in the absence of 
remote stress—as in this study—the distribution of surface tractions in an ideally smooth surface 
is symmetrical and therefore either of the contact edges can be chosen as the averaging zone 
center. This is, however, not the case for rough surfaces as the roughness profile is randomly 
generated. The resulting stresses, therefore, must be carefully examined throughout a full fretting 
cycle in order to correctly determine the location and the magnitude of the maximum first 
principal stress. 
  
   a       b 
Figure. 3.3. Identification of the averaging region in (a) ideally smooth contact, and (b) rough 
contact (&'=1.5×10-4 , &0=5×10-5, ℋ=0.062, 4=0.6). 
To proceed with the CDM simulations, the average value of G must be calculated throughout a 
complete fretting cycle. Having identified the variation of the average first principal stress, the 
strain parameters in Eqs. 17 and 18 can be readily calculated for the given material properties; 
see Refs. [13, 20] for details. The evolution of damage in each cycle is obtained recursively via 
Eq. 16. Calculations are continued until crack nucleation occurs, i.e. ?C = ?n  . 
Two types of simulations are carried out in this study. In the first type, it is sought to predict the 
tangential force amplitude that results in nucleation of a crack at a specified number of cycles. 
The solution to this type of problem involves a trial-and-error procedure to find the critical value 
of the tangential force amplitude. Starting with an initial guess for the tangential force, the 
number of cycles to crack nucleation is obtained in the first trial. If the number of cycles to crack 
nucleation is not equal to the specified number of cycles, the solution is then repeated with a new 
tangential force amplitude.  Convergence is assumed when the difference between the predicted 
and the specified number of cycles is less that 1%. The results of these simulations and the 
comparison with the relevant experimental data available in literature are reported in Section 3.4.  
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The second type of simulations is performed to examine the effect of tangential load as well as 
the surface roughness on the fretting crack nucleation behavior. For a given set of loading 
conditions, the solution is obtained in a single trial by finding the number of cycles, , at which ?(C|) = ?n . The results for both types of simulations are presented and discussed in the next 
section. 
3.4. Results and Discussions 
3.4.1. Prediction of the critical tangential force amplitude  
The simulation results for prediction of the critical tangential force amplitude are displayed in 
Figure 3.4 for three different surface roughness values. These simulations are carried out in 
accordance with the loading conditions reported in an experimental study by Proudhon et al [19] 
where laboratory tests are performed on Al 2024-T351 under partial-slip plain fretting condition. 
The contact configuration in these test involved a cylinder (R=49 mm) in contact with a flat 
specimen with the contact length of l=4.4 mm. These tests were aimed at identifying the crack 
nucleation boundary, i.e. the critical tangential force amplitude, at a specific number of cycles 
(Ns=5×104). To achieve this, for a given value of normal force, several fretting tests were carried 
out with different tangential force amplitudes. Tests were stopped at 5×104 cycles and the 
specimens were sectioned to examine for the presence of a nucleated crack [19]. The crack 
nucleation boundaries identified in the reported laboratory tests [19] are also shown in Figure 
3.4. The mechanical and cyclic material properties of the aluminum alloy are summarized in 
Table 3.1. 
Table 3.1. Material properties for Al 2024-T351 [19, 49, 59] 
E 
(GPa) 
 _ 
(MPa) 
 
(MPa) 
$  
(MPa) 
Gv 
(MPa) 
M 4 ?$  
72.4 0.33 140 325 851 684 10.2 1.1 0.1 
 
A notable feature of the predictions in Figure 3.4 is the presence of a prediction band as 
opposed to exact values for the critical tangential force amplitude. In fact, due to the random 
generation of the surface profile for each roughness value, the predicted values of the critical 
tangential force differ from one simulation to another even for the same surface roughness value. 
Hence, a special simulation strategy is adopted in order to best represent the range of possible 
values for the cracking boundary. Accordingly, for each value of the normal force corresponding 
to the experimental measurements, the first batch of simulations—involving 10 simulations—is 
performed and the range of possible critical tangential force amplitudes is determined by 
identifying the maximum and minimum values. The second batch of 10 simulations is then 
carried out, again, to find the maximum and minimum values of the critical tangential force 
amplitude. Subsequent batches of simulations are carried out, only if the new values fall outside 
of the range identified based on the previous batch(es). In this manner, batches of simulations are 
carried out successively until the range obtained from the last batch is completely included in the 
44 
 
previously identified range. Having found the maximum and minimum values of the critical 
tangential force amplitude corresponding to each normal force, the lower and upper prediction 
margins can be obtained by connecting the minimum and maximum predicted values together 
with their counterparts at other normal force values. The results in Figure 3.4 also indicate that 
the width of the prediction band is comparably larger at higher surface roughness values. This 
trend can be justified in view of the increasing effect of randomness at higher surface roughness 
values. The prediction results for the case of an ideally smooth surface, (1x=1×10-8) are also 
shown in Figure 3.4. As seen, the prediction band shrinks into a line when the roughness, and 
hence the concomitant randomness of the profile, become effectively zero. Comparison of the 
cracking boundary for the smooth surface with those predicted for the rough surfaces clearly 
indicates the adverse effect of the surface roughness on the fretting crack nucleation.  
a b 
c 
Figure 3.4. The CDM prediction and the experimental identification of the critical tangential 
force amplitude versus the normal load at three different (a,b,c) dimensionless roughness values 
(Ns=5×104). The dashed line represents the simulation results for the smooth surface. The sliding 
boundary separates the gross slip (right) from the partial slip (left) region. 
 
 
[19] 
[19] 
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The review of the results in Figure 3.4 shows that, overall, there is a reasonable agreement 
between the simulation results and the experimental measurements for three different surface 
roughness values. In accordance with the experimental observations, the simulations generally 
predict a lower cracking boundary at higher roughness values. Nonetheless, minor differences 
exist between the predictions and experimental measurements at all roughness values. These 
discrepancies are conjectured to be due to the differences that inevitably exist between the actual 
surfaces in the experiments and the generated surface profiles, in terms of the distribution and 
orientation of surface asperities. These minor differences notwithstanding, the overall good 
agreement between the predictions and simulations attests to the validity of the proposed 
technique for analysis of fretting crack nucleation in rough surfaces. In particular, the results 
indicate that the proposed averaging technique is capable of treating the effect of high stress 
gradients in rough surface line-contact fretting. However, as demonstrated in the study of fretting 
crack nucleation in smooth surfaces [20], the size of averaging zone determined by this 
technique must always be checked against the material’s average grain size to ensure the 
physical significance of the averaging technique. For example, if the difference between the 
average grain size and the calculated size of the averaging zone exceeds more than an order of 
magnitude, the resulting averaging zone lacks a meaningful correspondence with the material’s 
microstructure, thus requiring modification of its definition. In case of a very small averaging 
zone, it appears more reasonable, from the physical point of view, to use the average grain size 
as a safe lower limit for the averaging [20]. On the other hand, if the calculated averaging zone 
size is much larger than the average grain size, the existing stress gradients are largely alleviated, 
which in effect, may obviate the need to perform the averaging. Such instances, however, do not 
take place in the simulations pertaining to Figure 3.4. The size of the averaging zone calculated 
according to these simulations varies within the following ranges: 192-431 µm in Figure 3.4a, 
87-396 µm in Figure 3.4b and 53-208 µm in Figure 3.4c. In fact, these variation ranges are 
deemed to be permissible in view of the reported average grain size for the studied alloy, i.e.150 
µm [19]. 
3.4.2. Prediction of the crack nucleation life versus the tangential force amplitude 
The examination of the predicted cracking boundaries presented in Figure 3.4 in conjunction 
with the experimental observations demonstrates the capability of the proposed methodology for 
analysis of crack nucleation in fretting fatigue of rough surfaces. The knowledge of the cracking 
boundaries provides valuable information on the range of desirable loading conditions when the 
objective is for the components to achieve a predefined nucleation life. However, it may also be 
of interest to estimate the nucleation life of the components subjected to different loading 
conditions. To achieve this, the second type of simulations is carried out to investigate the crack 
nucleation behavior of the aluminum alloy with rough surface under different tangential force. 
The results are presented in Figure 3.5 for the normal force value of 271.5 N/mm, i.e. &' =1.364. 
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 a b 
c 
Figure 3.5. Prediction of the crack nucleation life versus the tangential force amplitude for three 
different surface roughness values (a,b,c). 
The results presented in Figure 3.5 indicate a salient feature associated with the predictions. As 
seen, for each value of tangential force amplitude, there exists a range of possible values for the 
predicted nucleation life. In fact, due to the random generation of the surface profile, the 
simulations are again carried out in successive batches—as explained earlier in the discussion of 
the results pertaining to Figure 3.4—to obtain the range of possible nucleation lives associated 
with each tangential force amplitude. The maximum and minimum predicted nucleation lives are 
shown in Figure 3.5 along with the intermediate values—as predicted by the simulation 
batches—for each tangential force amplitude.  
The general trend observed in Figure 3.5 is that for all three surface roughness values, the width 
of the prediction range monotonically increases as the tangential force amplitude decreases. 
Evidently, the randomness effect manifests itself more strongly at lower tangential force 
amplitudes. Interestingly, however, examination of the predictions reveals that the variation of 
the nucleation lives with respect to their mean value remains relatively constant comparing large 
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and small tangential force amplitudes for each roughness value. In fact, as the mean value of the 
nucleation life increases at lower tangential forces, so does its absolute variation as seen in 
Figure 3.5.  
In spite of the considerable effect of randomness on the crack nucleation life, it is easy to notice 
a gradual shift toward longer fatigue lives as the amplitude of the tangential force decreases. In 
order to better visualize the evolution of the prediction band, power-law curve-fits are plotted for 
the maximums and minimums of the predicted nucleation lives. As seen, these curve-fits are akin 
to the well-known S-N curves in plain fatigue. It must be noted that the maximum value of the 
nucleation life is limited to Ni =1×106 as the infinite nucleation life beyond which the graphs are 
not continued. With regard to the effect of roughness on the crack nucleation life, the prediction 
bands clearly indicate that higher surface roughness results in shorter crack nucleation life in 
fretting fatigue. This effect can be readily observed by comparing the nucleation lives under 
different roughness values for any given tangential force amplitude. Experimental observations 
[19] and numerical results [34, 35] reported by others also confirm this finding. 
The predictions presented in Figure 3.5 are obtained using averaging zone sizes that vary 
between 35 µm and 528 µm. Considering the predictions in Figure 3.4 and 3.5 collectively, it is 
believed that the averaging technique employed in this study is capable of predicting the size of 
the averaging zone in a systematic and consistent fashion. The general agreement between the 
predictions in this study and the experimental observation reported in literature attests to the 
capability of the proposed technique in analysis of fretting crack nucleation in line-contact 
fretting of rough surfaces. 
3.5. Conclusions 
The deterministic analysis of rough contact is deemed necessary in order to observe the real 
effect of surface roughness on the contact stresses. Generation of surface roughness is carried out 
using a random scheme for generation of the asperity heights with an overall Gaussian 
distribution. This technique is preferred so as to achieve realistic representations of the 
engineering surfaces. 
It is seen, that the presence of surface asperities largely influences the distribution of surface 
stresses and tractions by creating local spikes. Overall, it is seen that the surface roughness tends 
to increase the mean value of surface stresses and tractions. Also, contrary to the smooth surface, 
the distribution of the surface tractions ceases to be symmetric when the surfaces are rough. 
A thermodynamically-based continuum damage mechanics (CDM) approach is employed to 
analyze the crack nucleation phenomenon in rough contact fretting fatigue. This technique can 
successfully simulate the accumulation of micro-damage in the material and, in contrast to the 
classical fracture mechanics, does not require the definition of a critical crack length. In view of 
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such transcendent advantages, the CDM technique is believed to be highly amenable to analysis 
of crack nucleation. 
A special averaging technique is used to treat the effect of high stress gradients which is based 
on both the location of the highest principal stress and the slip width. The proposed technique is 
found capable of identifying the averaging zone in a systematic and consistent fashion. 
The CDM predictions of the crack nucleation boundary in rough surfaces demonstrate 
reasonable agreement with the experimental measurements reported in literature. The results 
reveal that the crack nucleation boundary, for a specific number of cycles to crack nucleation, 
decreases at higher surface roughness values. The effect of randomness in generation of the 
surface profile manifests itself as a prediction band in the results. The predictions also indicate 
the diminishing effect of randomness at lower surface roughness values. 
The predictions of the crack nucleation life under different surface roughness values reveal that 
the presence of surface roughness reduces the crack nucleation life. Furthermore, it is shown that 
for a given surface roughness value, the crack nucleation life increases as the tangential force 
amplitude decreases. This trend can be noticed in spite of the considerable effect of surface 
randomness on the crack nucleation life. The evolution of the crack nucleation life with respect 
to the tangential force amplitude demonstrates a trend reminiscent of the typical S-N curves in 
plain fatigue. 
3.6.  Nomenclature 
 the Hertzian line-contact width (µm) ? damage parameter ?$ critical damage A undamaged elemental area (m2) A̅C  damaged elemental area (m2) K nominal (undamaged) elastic modulus (GPa) K , K modulus of elasticity for the contacting bodies 1 and 2 (GPa) K∗ effective modulus of elasticity, K∗ = h
h + 


  (GPa) KH effective (damaged) elastic modulus (GPa) &' dimensionless normal force, &' = =∗ &'∗ corrective dimensionless normal force &'∗∗ corrective dimensionless normal force corresponding to the instantaneous 
stick zone &0 dimensionless tangential force, &0 = =∗ ℎ hardness of the softer contacting body, (GPa) ℋ dimensionless hardness, ℎ K∗  
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$ cyclic hardening modulus (MPa) () separation between the two contacting surfaces  approach of the two contacting bodies  contact length, (mm) w cyclic hardening exponent  number of cycles to crack nucleation  specified number of cycles to crack nucleation QR  normal vector in j direction () dimensionless normal pressure distribution, () = ()/ ∗(X) corrective dimensionless normal pressure distribution ∗∗(X) corrective dimensionless normal pressure distribution corresponding to the 
instantaneous stick zone () normal pressure distribution (GPa)  maximum Hertzian pressure (GPa) 3() dimensionless tangential traction distribution in monotonic loading, () ⁄  3$=() dimensionless tangential traction distribution in cyclic loading () tangential traction distribution (GPa) 1 the radius of the cylinder in contact with a flat, or effective radius of 
curvature, (mm) 1x standard deviation of the asperity height (µm) 1x dimensionless standard deviation of the asperity heights,  1x =    Uℛ boundary of the body _ material’s endurance limit (MPa)  material’s yield stress (MPa) 9 dimensionless instantaneous tangential force 9C traction over the boundary ¡ the normal force, (N) , ¢  the x and z coordinate (µm)  dimensionless x coordinate ,  = / 	,  dimensionless boundaries of the averaging zone 2 dimensionless z coordinate , 2 = ¢/ £() surface profile (µm) Λ() dimensionless surface profile, ¤()/1 WCR strain tensor ∆W=C	 strain range of damage increment in cycle ith corresponding to zero stress 
in the hysteresis loop	∆WuC	 threshold strain range of damage increment in cycle ith	∆W\C	 maximum strain range of damage increment in the ith cycle  
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4 friction coefficient ¥	, ¥ Poisson’s ratio for the contacting bodies 1 and 2 G  nominal normal stress (MPa) G first principal stress (MPa) G dimensionless first principal stress, G = Ih¦ Gv true failure stress (MPa) G\]^ maximum value of the cyclic stress (MPa) GH effective (damaged) normal stress (MPa) ~ scaling factor for calculation of the corrective normal pressure terms M Helmholtz free energy function Ω$ contact domain 
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Chapter 4: On the correlation between wear and entropy in dry 
sliding contact‡ 
 
 
 
4.1. Introduction  
The control of friction in engineering systems to reduce wear has been a major focus in science 
of tribology. The importance of wear as a progressive loss of material in contacting bodies along 
with the need for its prediction and quantification as a ubiquitous phenomenon are further 
underlined by the ensuing economic implications. Research studies have proven that many 
complex and physically different micro-scale phenomena —adhesion, abrasion, electrical and 
chemical interactions— are involved in the wear of materials either individually or collectively, 
often in an inextricably intertwined manner. Owing to this variegated nature of wear, its 
characterization, modeling and accurate quantification are still among the highly active areas of 
research despite the tremendous efforts made to this end. 
Having investigated the effect of more than 100 parameters on sliding in a comprehensive 
study, Meng and Ludema reported that no particular predictive set of equations were found for 
practical use in prediction of wear [1]. Even the best available definitions of wear are applicable 
only when certain sliding conditions and types of wear dominate, which underlines their rather 
limited use [2,3]. On the other hand, even if all of the variables influential in wear and friction 
are successfully incorporated in a model, the resulting equations will be too complicated [4]. 
Therefore, notwithstanding the numerous research studies which have attempted to develop 
fundamental wear models, there is still the need for a systematic approach capable of unifying all 
the diverse phenomena underlying wear and friction.  
Czichos [5] conducted a systematic study of tribological systems in terms of the appropriate 
branches of function, energy and materials. Identifying dissipative processes of friction and 
wear, he postulated that these processes produce entropy [5]. The entropy production, in fact, 
enables one to bridge the atomic-scale phenomena with the macro-scale response of the 
structures [6]. In addition, friction and wear, from the vantage point of thermodynamics, 
irreversibly transform mechanical energy into other forms through dissipative processes. 
Therefore, entropy production is believed to be a propitious measure for a systematic study of 
wear and friction. Klamecki studied wear as a non-negative entropy production process and 
showed that friction is a dissipative process [7-9]. He presented a thermodynamic model of wear 
for a system idealized as a single body to which heat and work are applied and from which mass 
transfer is allowed to occur [10]. Zmitrowicz built a thermodynamic model of contacting solids 
                                                           
‡ Reprinted by permission from Wear, Elsevier (see Appendix) 
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and formulated constitutive equations and linear theories for wearing bodies in contact with a 
third body interfacial layer [11-13].  
The potential of applying the laws of thermodynamics to the analysis of frictional systems as 
established by these pioneering studies has brought the thermodynamic approach in tribology 
further to the attention of other researchers [14-16]. Doelling et al. [17] and Ling et al. [18] 
investigated the relation between the normalized entropy flow and normalized wear and reported 
a linear relation between the two. Of particular interest to the present study is a new theory 
proposed by Bryant et al. [19] which links the components of degradation in a system to the 
concomitant entropy production. In general, all the efforts made to develop the nascent theory of 
thermodynamics of friction and wear have made a significant contribution to the state of the art 
body of knowledge in this field. Nonetheless, proper experiments to substantiate the proposed 
models remain scarce. In fact, majority of the aforementioned studies [5-16] provide theoretical 
characterization of wear in a thermodynamic framework.  
In a parallel recent trend, researchers have began to characterize and connect the wear response 
of a tribo-system with its energy dissipation [2,20-24]. In line with Archard’s wear law, most of 
these studies have reported a linear relationship between the wear volume and the energy 
dissipation in a tribo-system based on experiments. Such studies reveal that the energetic 
approach is indeed gaining attention in the research community as a valuable tool for analyzing 
experimental wear data in friction tests. However, the application of this approach in practice 
requires knowledge of sliding speed and either the friction force or the friction coefficient to 
calculate energy dissipation in a given tribo-system which, in turn, requires the use of integrated 
load sensors in a given system. 
To surmount such issues, the present study proposes an alternative simple, yet realistic, 
approach to predict wear in mechanical systems by the virtue of thermodynamic entropy and 
temperature measurement. In contrast to the study conducted by Doelling et al. and Ling et al. 
[17,18], where a linear correlation was found to exist between normalized wear and normalized 
entropy flow, the presents work  investigates the correlation between wear and entropy as 
individual parameters with different physical dimensions in accordance with the theory 
developed by Bryant et al [19]. A series of ring on ring dry sliding tests are performed and the 
corresponding steady state entropy production is calculated. The results suggest a strong linear 
relation between the rates of entropy production and wear. The degradation coefficient for the 
sliding pair is obtained and it is shown that if the bulk temperature of the contact interface and 
the degradation coefficient are known, the wear rate of the interface can be estimated with good 
accuracy. In addition, a finite element (FE) analysis is performed and it is shown that the bulk 
temperature of contact interface for solids in dry sliding can be accurately estimated. A method 
is, then, proposed which permits one to estimate wear for a given sliding pair as a function of 
only two parameters: the contact temperature and the degradation coefficient. 
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4.2. Thermodynamics of dry sliding wear 
4.2.1. Formulations 
The classical thermodynamics is based on the study of reversible phenomena. In case of an 
irreversible phenomenon involving degradation, irreversible thermodynamics can be employed 
to obtain a universal macroscopic description of the process. To begin with, following the work 
of Bryant et al [19], let W, a non-negative, non-decreasing continuous function, represent the 
degradation measure in a wearing tribo-system. This function can be presented as a corollary of 
one or more individual dissipative processes, Wi , 
∑= i
j
ii
j
ii ppWW ))()...(( 1 ζζ
         
(1) 
where p denotes the dissipative mechanisms, each of which can depend on series of time-
dependent phenomenological variables )(tjiζ , for i=1,2,…,m and j=1,2,…,n.  Associated with 
each degradation process is the irreversible entropy or non-negative entropy generation, S(gen)i, 
which is characterized by the same set of phenomenological variables:  
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The total entropy generation, S(gen) is then given by: 
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with the quantities X, Y and J denoting the generalized thermodynamic forces, generalized 
degradation forces and thermodynamic flow rates, respectively. Detailed description of these 
quantities can be found elsewhere [25-27]. The salient point that emerges from Eq. 4 and 5 is 
that the rate of both the degradation measure and entropy generation includes the flow rates, XCR. 
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Thus Eq. 4 can be re-written in the following form leading to definition of an important 
parameter termed degradation coefficient, B, defined as [19]:  
∑∑∑ == i igenii j
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ii SBJXBW )(
&&
        (9)  
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           (10)  
These last two equations collectively propose that, associated with each degradation process, 
there exists a degradation coefficient which correlates the degradation measure with the 
corresponding entropy generation. 
 
As stated earlier, the degradation measure, W, is representative of the damage occurring in a 
system due to a set of irreversible dissipative processes. In general, the interpretation of damage 
in a given system can embrace a wide range of definitions, e.g. degradation of material 
properties, cracking, decohesion, material loss etc. In fact, damage definition is not restricted, 
and it is left to one’s own discretion to make a judicious choice for a given application. In the 
present study, it is assumed that in a process involving dry sliding, the plastic deformation at the 
contact interface remains the dominant dissipative process. Accordingly, material loss, i.e. wear 
volume, has been chosen as a measure of damage in the corresponding tribo-system. Also 
assumed in this fashion, is that there is a degradation coefficient which relates W , i.e. wear 
volume, to the entropy generation due to plastic deformation. It is however, important to 
emphasize that if other dissipative processes such as oxidation etc. are involved in the sliding 
process, each will introduce another entropy generation term and a corresponding degradation 
coefficient.
 
4.2.2. Application to dry sliding 
A schematic drawing of a typical contact interface between two bodies subjected to external 
load in a dry sliding system is shown in Figure 4.1. Severe deformation takes place at the 
surfaces and can extend only up to few hundreds of microns below the contact surface [28-30]. 
This highly deformed layer is frequently referred to as tribo-film or severely deformed layer 
(SDL). It has been reported that 90-98% of friction work is accumulated in SDL [31-36]. This 
localized accumulation is due to the plastic work at the asperity contact layer ensuing from some 
micro-scale processes including, but not limited to, interlocking of asperities, adhesion, 
ploughing etc., which in effect, lead to formation of wear debris and heat generation at the 
contact interface. During the course of sliding, asperities are continuously polished and new 
interfacial junctions and fragments are formed, resulting in generation of a new contact interface. 
However, upon attainment of a steady state, the thickness of the severely deformed layer would 
remain constant as well as other friction parameters in the system, e.g. friction coefficient and 
wear rate [4]. 
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a      b 
Figure 4.1. Contact interface in a typical dry sliding configuration with the control volume 
(dotted line) surrounding the interfacial debris and the severely deformed layers on both of the 
sliding bodies (not to scale). The upper body is sliding against the stationary lower counter-body, 
(a) illustration of mass flows, (b) illustration of the heat flows. 
A control volume enclosing only the interfacial layer and the tribo-films on both of the sliding 
pairs is also illustrated in Figure 4.1 with the dotted line. The system is assumed to be in steady 
state and thus the size of the control volume is fixed. The work done on the sliding system is 
dissipated to heat via irreversible processes. Depending on the sliding configuration, the depicted 
control volume can move with respect to one or both of the bodies. Therefore mass transport 
occurs in and out of this control volume not only due to relative motion between the control 
volume and sliding bodies but also via ejection of wear debris followed by a new layer of bulk 
material entering the control volume through the boundaries as shown in Figure 4.1a. The 
entropy balance equation can be written for the given control volume as follows 
)()( fgen SSS
&&& +=           (11) 
where S& and )( fS
& denote the rates of total entropy accumulation inside and the total net entropy 
flow through the control volume, respectively. At steady state the system’s total entropy ceases 
to change, i.e. 0=S& , and according to the self-organization theory the entropy generation rate is 
minimized [35]. Therefore, the net entropy flow rate in the control volume equals the rate of 
entropy generation but with the opposite sign, viz. 
)()( fgen SS
&& −=            (12) 
According to Eq. 12 the task of calculating the entropy generation for a tribo-system in steady 
state condition reduces to calculating the net entropy flow through the control volume. In the 
control volume described above, the entropy flow is comprised of a part due to mass flow in and 
out of the volume and a part due to heat that is conducted away from it, i.e. 3§ and 3§ in Figure 
4.1b. As shown in this figure, heat transfer can also occur at the free boundary of the sliding 
bodies via convection. The mass transfer through the control volume, as mentioned earlier, can 
be envisioned to occur via two distinct categories of flow, namely mass transfer due to wear and 
mass transfer due to relative motion of control volume with respect to the moving bodies. Using 
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this classification, it is assumed that the two types of flow coexist, but are separated from each 
other. Consequently, the mass flow due to relative motion is expected to result in a smaller 
entropy flow compared to mass transfer due to wear. This is evident firstly because the mass 
continuity law requires the flow rates at the boundaries where material flows in and out due to 
relative motion to be the same. Furthermore, owing to the small scale of the control volume, the 
inlet and outlet temperatures for the mass flow due to relative motion can also be assumed to be 
the same and equal to the bulk temperature of the contact. Needless to say, any temperature 
gradient throughout the contact zone in the direction of the sliding is believed to be negligible 
particularly for the case of this study where the rotating sliding contact interface has a symmetric 
annular shape; see Section 4.3.1. In contrast, although the amount of material transferred away in 
the form of wear debris is equal to the amount of material entering from the sub-contact layer, 
the net entropy flow due to wear does not vanish since the temperatures at which the mass fluxes 
enter and leave the control volume are expected to be largely different. In fact, the wear debris is 
the result of surface interactions at the asperity contact level where the flash temperatures 
preponderate. On the other hand, the flow into the control volume enters from the lower and 
upper boundaries (see Figure 4.1a) at temperatures closer to the surface bulk temperature. 
However, the temperature of the wear mass flow at the inlet and outlet cannot be assessed with 
full certainty. On this account, an upper approximation is used for the temperature difference to 
proceed with the calculations. Nevertheless, as it is shown later, the contribution of the wear 
mass flow in the total entropy flow is also negligible, thus minimizing the significance of this 
approximation. To continue, it is assumed that the wear debris is ejected at the flash temperature. 
Furthermore, due to the very small size and thickness of the control volume, i.e. SDL, the 
temperature difference throughout the thickness of the control volume is not expected to be 
significant, and the inward flow of material at the upper and lower boundaries of the control 
volume (see Figure 4.1a) can be assumed to occur at the bulk temperature of the contact. Hence, 
the total entropy flow takes the following form: 
)()( bulkflashout
bulk
f ssm
T
Q
S −+= &
&
&
        (13) 
where the first term on the right-hand-side denotes the entropy flow due to heat flow 3§  leaving 
the control volume at the absolute bulk temperature of the contact Tbulk which is also assumed to 
be the temperature at the boundary of the control volume. This heat flow itself is the sum of two 
conductive heat flows Q§  and Q§ as depicted in Figure 4.1b.   The second term is due to wear 
induced mass flow into and out of the control volume with m§ ª«¬ denoting the wear rate in unit of 
mass per second. The parameters sflash and sbulk represent the entropy of the material per unit mass 
at flash and bulk temperatures of the contact, respectively. The validity of the preceding 
expressions is based on the premise that both of bodies in the sliding pair share the same bulk 
temperature at the interface. As verified both numerically and experimentally [37], this 
assumption is not far from reality and is not expected to introduce any significant inaccuracy into 
the calculation. Also assumed in the Eq. 13 is that wear occurs only in one of the bodies. 
However, this is not a necessary condition and this equation can be accordingly re-written to 
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include the mass transfer, i.e. wear, of the counter body. Equation 13 is particularly in line with 
the experiments conducted in this study, where a soft material is slid against a hard body; see 
Section 4.3.1. 
To continue, Eqs. 9, 12 and 13 can be combined to arrive at the following equation by 
substituting the mass flux, m§ ª«¬ in Eq. 13, with the product of wear rate, ¡§ , and the density of 
the wearing body, ­, 





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bulk
ssW
T
Q
BW &
&
& ρ         (14) 
where B is the degradation coefficient for the given pair in dry sliding which relates the plastic 
dissipation to the degradation measure, i.e. wear rate or W§  which appears on both sides of the Eq. 
14. It is to be reminded that this equation is valid for steady state condition. This is indeed the 
key feature of the macroscopic steady state condition which enables one to formulate the entropy 
generation due to plastic dissipation, which consists of a series of complex processes, with a 
simple expression as presented in Eq. 14. Among the parameters in Eq. 14 the heat flow, the 
contact bulk temperature and the wear rate can be readily measured in a laboratory experiment.  
In contrast, calculation of the difference in the specific entropies requires the knowledge of flash 
temperature at the interface. However, based on a simple analysis of the results obtained in this 
study it is shown that the entropy flow due to mass transfer is almost two orders of magnitude 
smaller than the term due to heat transfer. Furthermore, Eq. 14 suggests that if the degradation 
coefficient is known for a pair of materials, then wear can be quantified by measuring the heat 
conduction from the interface and the contact temperature. In what follows, a series of dry 
sliding tests is carried out, the results are discussed, and an approach is suggested to further 
simplify the quantification of wear in dry sliding systems.  
4.3. Experimental procedure 
4.3.1. Test setup 
The foremost objective of the experimental tests in this study is to substantiate the applicability 
of entropy as a tool for the analysis of sliding systems. To this end, accurate measurement of 
temperature at the contact interface is an integral part of the experiments. Accordingly, precision 
thermocouples are embedded beneath the contact surface to record the temperature. In fact, this 
choice requires the sliding body in which the thermocouples are embedded to be highly wear 
resistant. Therefore, an appropriate sliding contact configuration is selected which consists of a 
metallic pair in a ring-on-ring configuration in dry sliding. The material types are Brass 360 and 
hardened steel 4140. The corresponding material properties are summarized in Table 4.1. Also 
presented in this table are the thermal properties of the upper and lower specimen holder of the 
test apparatus. 
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Table 4.1. Properties of the studied materials  
 Thermal and physical properties [38,39] 
 
Hardness  
(Hv) 
Density 
 (Kg.m-3) 
Thermal conductivity  
(J.s-1.m-1.K-1) 
Specific heat 
(J.Kg-1.K-1) 
SAE 4140 520 7830 42.7 473 
Brass C36000 110  8500 115 380 
SAE 51440 C (lower holder)  7680 24.2 460 
SAE 30303 (upper holder)  7930 15 502 
The sliding tests are carried out using a laboratory tribometer with a normal force capacity of 
900 N and the maximum rotational speed of 5000 rpm. Thrust-washer configuration for the 
wearing material and cylindrical shell configuration for the harder material are used; see Figure 
4.2. The specimens are mounted on the machine as shown in Figure 4.3. The lower holder of the 
machine can freely move in vertical direction but is constrained against rotation using a 
connecting arm attached to the friction load cell (not shown in the sketch). The upper spindle is 
fixed in vertical direction and is attached to the motor. As such, the hardened steel is placed in 
the lower holder, and affixed to the upper spindle is the brass specimen. Normal load is applied 
using an automated loading device that presses the lower holder against the rotating spindle with 
the desired load. Also attached to bottom of the lower holder is a Linear Variable Differential 
Transformer (LVDT), a displacement sensor which permits measurement of displacement with 
the resolution of 0.5 µm. It is to be noted that the displacement data from the LVDT sensor are 
affected by the thermal expansion of the contacting bodies. However, the data from LVDT are 
considered for wear calculation only after the temperatures in the bodies are stabilized, i.e. after 
attaining a steady state. It is also noted that the most direct measurement of wear, i.e. weighing 
method, is deemed to be inappropriate since it does not allow instantaneous wear rate at the 
steady state to be accurately measured. Subsequently, volumetric wear rate is calculated from the 
product of linear wear rate, as obtained from LVDT, and the nominal contact area. Nonetheless, 
on the account of the fact that the real contact area is populated with micro roughness and 
asperities, this measurement method might lead to over estimation of wear rate. However, as 
long as the same technique is employed for wear prediction in all the tests, the results are 
expected to be consistent. Also noteworthy to mention, is that wear in the harder specimen is 
confirmed to be highly negligible. Weighing the specimens before and after the test reveals that 
more than 99% percent of the linear wear recorded by the LVDT is associated with wear in the 
softer material.  
The data measured and recorded by the tribometer are friction force and friction coefficient, 
sliding speed, and the linear wear from LVDT. Bulk temperature of the contact is measured by 
means of two T-type thermocouples positioned 0.8 mm below the contact surface in the steel and 
equally positioned at 180 degree on two sides of the specimen. The thermocouples are calibrated 
prior to usage and have a resolution of 0.1ºC and a time constant of 0.01 s with a bead diameter 
of 0.74 mm. To be noted is that these thermocouples were used in order to capture the evolution 
of the contact bulk temperature rather than the instantaneous temperature changes at the contact 
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interface. Employing a data acquisition board, the data from the thermocouples are recorded in 
the computer for further analysis. 
 
Figure 4.2. Dimensions of the hardened steel (left) and the brass specimen (right), in mm 
 
Figure 4.3. A simplified schematic drawing of LRI-1a tribometer illustrating the experimental 
setup with the thermocouples TC1 and TC2 embedded in the harder specimen beneath the contact 
area. 
A total of 8 test cases involving combination of 4 load levels and 2 sliding speeds were carried 
out; see Section 4.5. Fresh contacting surfaces were used for every test, all of which were 
performed at the controlled laboratory temperature of 25°C and relative humidity of 10% 
approximately. Prior to each test, the contacting surfaces of all specimens were cleaned with 
acetone and polished using ultra-fine, i.e. grit 1000, silicon carbide sandpaper. 
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4.3.2. Entropy flow 
According to Eq. 14 and in view of the discussion presented earlier, the only important 
quantities required for measuring the entropy generation or alternatively the entropy flow at 
steady state are the bulk temperature of contact and heat conduction away from the contact 
interface. The amount of heat released at the contact interface is transferred into the bodies by 
means of conduction and is in fact the result of plastic work at the contact interface. Furthermore, 
it can be assumed that almost all of the energy loss due to plastic work at the contact interface is 
transferred to contacting bodies as heat [37,40,41]. Therefore, in this work, the power loss due to 
friction is assumed to be equal to the heat generation rate at the contact interface. Moreover, the 
additional component of the entropy flow rate, namely the entropy flow rate due to wear-induced 
mass transfer, )( )(
mass
fS
& , can be approximated using the following equilibrium thermodynamics 
relation: 
∫=−=
flash
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It will be shown later that this entropy term, as transpires from calculating an upper limit for the 
integral in Eq. 15, is negligible. The upper limit for the integral is calculated assuming a constant 
specific heat pc  for the Brass alloy at ambient temperature and using the melting temperature of 
the Brass alloy as the highest possible flash temperature; see Section 4.5.  
4.4. FE modeling 
Finite element analysis is carried out using ANSYS software in order to predict the “bulk 
temperature” of contact interface. PLANE55 2-D axisymmetric thermal solid elements are used 
owing to the geometric axial symmetry. This element type has four nodes each having 
temperature as the only degree of freedom [42]. The model comprises 11890 elements resulting 
in 12337 nodes and includes the sliding pair as well as the upper and lower holders, to which the 
specimens are attached during the experiments; see Figure 4.4. The remaining segments of the 
apparatus in contact with the lower and upper holders are not included. For the case of the upper 
holder, its contact with the rest of the apparatus is via two small pins. Therefore, neglecting the 
conduction at these tiny contact areas, the top of the upper holder was mainly in contact with 
ambient air. For the case of the lower specimen holder, the results of experiments revealed that at 
further distances, the surface temperature of the machine parts matched that of the ambient. That 
is, the base of the lower specimen holder, i.e. bottom end of the model in Figure 4.4, was the 
closest point to the contact interface where the temperature was measured to be constant and 
equal to the ambient temperature during the experiments. Therefore, extension of the model was 
unnecessary.  Inasmuch as the simplicity of the model is of essence, perfect contact between the 
sliding pair is assumed, meaning that the bodies in contact shared the same temperatures 
throughout the contact area at each point. This assumption has been verified [37] and 
successfully employed as a central premise in numerous other studies [41, 43-45]. The applied 
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boundary conditions primarily consist of convection on free surfaces. Meanwhile, constant 
temperature, i.e. equal to the ambient temperature, T0 =25ºC is enforced on the bottom end of the 
model as per experimental evidence; see Figure 4.4. Finally, applied at the contact interface is a 
heat flux equal to the total power dissipation measured from the experiments divided by the 
nominal contact area; see Figure 4.4. Due to the rather small amount of temperature rise during 
the experiments, constant material properties, i.e. temperature independent, are assigned to the 
corresponding parts which include density, heat conduction coefficient and specific heat; see 
Table 4.1.  
It has to be noted that the temperatures resulting from this analysis are found to be weakly 
dependent on the specified value for the convection coefficient. In particular, the dependency is 
fairly negligible for the temperature at contact interface or its immediate vicinity. The contact 
temperatures reported in this study are in fact obtained for a constant convection coefficient of 
h=10 J.s-1.m-2.K-1 taken as an average value on all free surfaces, both stationary and rotating. It 
was attempted, however, to include the effect of rotation on the convection coefficient. 
Nevertheless, given the range of rotational speeds in the experiments and the relative small size 
of the rotating boundary, this effect was not found to be significant. Furthermore, as stated 
before, the heat convection itself does not have a remarkable effect on the resulting contact 
temperature. For instance, for the given range of input parameters in this study, a 50% change in 
the value of convection coefficient is found to produce a maximum change of only 2% in the 
absolute bulk temperature of the contact. Therefore, approximation of convection coefficient is 
expected to yield reasonable results. In contrast, the ambient temperature used as a constant 
temperature boundary condition and the heat generation at the contact interface are found to be 
more influential. Nevertheless, the value of these parameters can be easily and accurately 
determined in a laboratory experiment. Also important to note is that the heat generation is 
applied on the nodes shared between the sliding pair rather than at the small but unknown 
thickness of the SDL. This simpler method obviates the need to find the thickness of SDL in this 
study. This simplification is implemented here inasmuch as both of the approaches are found to 
predict the same contact temperatures assuming an arbitrary yet realistic small value for SDL 
thickness. This is believed to be due to the very small thickness of SDL, i.e. smaller than mµ500  
for normal dry sliding applications [28-30].
 
In fact, other studies have reported this finding as 
well [41,47]. 
Transient analysis is chosen and the final mesh is checked to give mesh-independent 
temperatures, i.e. temperatures irrespective of the element size. All the experimental cases are 
simulated to obtain the contact temperatures for each case. Presented and discussed in the 
following section are the results of the experiments and FE simulations. 
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Figure 4.4. Finite element model showing the thermal boundary condition of constant 
temperature (T0 =25ºC) at the bottom, and the convection heat transfer on all other free surfaces 
(h=10 J.s-1.m-2.K-1). 
4.5. Results and discussions 
Each experiment is run until steady state is attained, i.e. stable contact bulk temperature is 
achieved, and then it is continued for another 30 minutes to register the friction parameters used 
for entropy calculations. The temperature readings from the two thermocouples embedded in the 
stationary specimen are used to ascertain the attainment of steady state. Presented in Figure 4.5 is 
a typical evolution of bulk contact temperature as obtained from the experiment and the results 
of the corresponding FE simulation. The temperature from FE analysis reflects the average value 
on the contact line. According to this graph, steady state is assumed to have been reached nearly 
after 5000 seconds for this specific test, after which point the measured parameters are 
considered for calculations. As expected based on the symmetry of the system, the 
circumferential distribution of contact temperature is uniform which also reveals a good 
alignment between the contacting bodies during the test. The finite element temperature 
distribution during steady state for the same case is shown in Figure 4.6. 
Table 4.2 represents the data recorded for each experiment which consist of the friction 
coefficient, wear rate and temperature, all given as the average of values registered during steady 
state. Wear rate is calculated as the product of linear wear rate and nominal contact area. Power 
dissipation is obtained as the product of normal load, the measured values of friction coefficient, 
the mean radius of contact and the angular velocity of rotation. Also presented in Table 4.2 are 
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the steady state temperatures obtained from the FE analysis. These temperatures represent the 
average of the temperatures along the contact line in the FE model for each case. As seen, the 
numerically predicted contact temperatures are consistent with the experiments. The only 
difference observed between experiments and simulations, in almost all cases, is in the evolution 
of temperature during the running-in period. This small discrepancy at the initial stage, which is 
noticeable in Figure 4.5, is believed to be due to application of a constant heat source in the 
simulations. During the experiments the magnitude of actual heat source continuously changes 
due to evolution of contact parameters until it stabilizes at a certain value once the steady state is 
reached. Nevertheless, the close agreement observed in all cases between numerically predicted 
steady state temperatures and those measured experimentally indicates the validity of the 
assumptions made in FE simulation.  
 
Figure 4.5. Evolution of bulk contact temperature through time as obtained from simulation and 
experiment for rotational velocity of 150 rpm and normal load of 66.72 N, showing nearly 
identical temperatures registered by both of the thermocouples. 
 
 
Figure 4.6. Finite element steady state temperature distribution (ºC), obtained for rotational 
velocity of 150 rpm and normal load of 66.72 N. 
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Table 4.2. Result of experimental tests and FE simulations 
Test  
Load 
 (N) 
Rotational 
speed 
(Rad. s-1) 
Friction 
coefficient 
power  
dissipation 
(J. s-1) 
Wear  rate 
(mm3.s-1) 
Contact temperature, ºC 
Experiment 
Finite 
element 
1 22.4 15.70 0.316 1.489 1.4118×10-2 30.4 30.50 
2 22.4 26.17 0.273 2.141 1.9644×10-2 33.5 32.92 
3 35.59 15.70 0.303 2.284 2.2005×10-2 32.3 33.46 
4 35.59 26.17 0.261 3.277 2.8950×10-2 37.5 37.15 
5 53.38 15.70 0.280 3.164 2.9847×10-2 35.8 36.73 
6 53.38 26.17 0.270 5.080 4.4136×10-2 43.5 43.83 
7 66.72 15.70 0.275 3.885 3.8501×10-2 39.0 39.30 
8 66.72 26.17 0.263 6.196 5.6469×10-2 48.5 47.97 
Using the results presented in Table 4.2, the entropy flow can be calculated as given by Eq. 13. 
According to this equation, entropy flow is composed of two parts: entropy flow due to the heat 
conduction bulkTQ
&  and entropy flow due to wear induced mass transfer )( bulkflashout ssm −& . 
Interestingly, a simple analysis reveals that the wear mass transfer component has a negligible 
contribution to the total entropy flow. Using Eq. 15 and substituting for wear rate from Table 4.2 
and for density and specific heat of the Brass alloy from Table 4.1, one can obtain the maximum 
possible value for entropy flow due to wear mass transfer by using the melting temperature of the 
Brass alloy (Tm=1173ºK [38]) as the flash temperature in Eq. 15. As a result, for the given range 
of speeds and loads during the experiments the maximum value of entropy flow rate due to mass 
transfer is calculated to be 2.3607×10-4 J. s-1.K-1 , which is obtained for case #8. On the other 
hand, the entropy flow rate due to heat transfer for the same case is 1.927×10-2 J. s-1.K-1 , which 
is about 80 times larger. Similarly, for all other cases, entropy flow rate due to mass transfer is 
found to be almost two orders of magnitude smaller compared to the first term in Eq. 13. 
Therefore, in view of the fact that the actual flash temperatures occurring during sliding are 
much lower, the smaller entropy flow term can be neglected. Therefore, the entropy flow terms 
presented henceforth reflect only the part due to heat conduction. It is noteworthy to point out 
that the wear rates encountered in this study are relatively high owing to the type of sliding pair 
purposefully selected for the tests. Accordingly, in view of the above mentioned estimation it is 
believed that the entropy flow due to wear can be neglected for many other applications. 
However, the validity of the wear prediction approach as presented in the following does not rely 
on this assumption and one can include the corresponding entropy term and still use the 
presented approach if a reliable estimation of flash temperature is available. 
Figure 4.7 shows the volumetric wear rate plotted versus entropy flow out of the sliding 
interface and also versus the rate of energy dissipation within the sliding interface. Each data 
point corresponds to an experiment under the steady state condition. As seen, a strong linear 
correlation is evident between the wear rate and either entropy flow rate or power dissipation. 
Further inspection of these results reveals that the overall goodness of the fitted line in the case 
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of wear rate versus entropy flow rate is better not merely due to an indistinctly better goodness 
(R2) of the fitted line but rather due to a smaller y-intercept. That is, the wear rate versus entropy 
flow rate is more in accord with thermodynamic wear law since when the entropy flow rate or 
power dissipation is nil it necessarily requires the wear rate to be zero. Therefore, wear-entropy 
approach offers more realistic predictions, particularly in a sliding system experiencing low wear 
rate.  
 
a       b 
Figure 4.7. Volumetric wear rate of Brass C360 sliding against hardened steel 4140 in dry 
configuration versus (a) entropy flow rate, (b) frictional power dissipation. 
4.5.1. Degradation coefficient 
The degradation coefficient, B, can be easily determined from the curve fitting expression. This 
coefficient is simply the slope of the linear curve in Figure 4.7a, and is equal to 2.8926 mm3K.J-1. 
In fact, as a characteristic of a sliding system, this important parameter is believed to be a 
property of the sliding pair. The results presented here corroborate the surmise by Bryant et al. 
[19] that the degradation coefficient is a constant property for a sliding pair. Employing a fairly 
wide range of loads and sliding speeds, the independency of degradation coefficient from loading 
parameters is established. This is, in fact, manifest in the nearly perfect goodness of the linear fit 
in Figure 4.7a. Nevertheless, it is to be born in mind that this statement is valid unless the 
dominant irreversible process changes. In effect, it is anticipated that if the active wear 
mechanism changes or if new ones become active, the resulting degradation coefficient would 
change as well. A particular example for such an instance is when a tribo-system undergoes 
transitions in sliding regime leading sometimes to drastic changes of wear rate [48-50]. 
Furthermore, similar to many other material properties, the degradation coefficient is expected to 
depend on intensive variables such as temperature, as suggested by irreversible thermodynamics 
[27]. Dependence on temperature is elucidated inasmuch as the mechanical and thermal 
properties of the materials such as hardness, Young’s modulus, heat conductivity, etc. may vary 
due to temperature. Accordingly, this effect is expected to be more pronounced only if large 
temperature change is experienced.  
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4.5.2. Estimation of power dissipation and wear 
The overall goodness of the linear correlations noted in Figure 4.7 suggests that both of the 
abovementioned approaches can be employed in analysis of a dry sliding system. Also, it might 
be tempting to conclude that, if high wear rates are expected or in the absence of need for high 
accuracy, the second approach, namely wear-energy relation could be more convenient and thus 
preferable compared to the wear-entropy approach which involves contact temperature as an 
additional parameter. Nevertheless, implementation of the energy approach in a practical 
situation might not be a trivial task. Indeed, calculation of power dissipation in a sliding interface 
is not always readily possible since speed, friction force or normal load and friction coefficient 
would have to be known. In contrast, measurement of the contact temperature can be easier in 
many systems and it can be related to the power dissipation, i.e. heat generation, in the sliding 
system knowing the systems thermal response. In fact, by the virtue of a procedure introduced as 
follows the entropy flow and power dissipation can simultaneously be obtained, knowing the 
temperature of the bodies in contact and systems thermal response. 
Of paramount importance in this study is the relation between the frictional heat input or power 
dissipation and the resulting temperature rise at the contact interface. Figure 4.8 demonstrates the 
contact temperature rise plotted versus the frictional power dissipation as obtained from FE 
analysis. Manifest in this graph is a perfectly linear relation between the heat input and 
temperature rise. This linear correlation observed between the contact temperature and the 
dissipated energy is in good accord with the experimental findings reported in other studies 
[20,41]. In fact, this linearity can be easily justified from a mathematical point of view, since the 
solution to Fourier’s heat equation gives the temperature as a linear function of heat input to the 
system for each specific point in the body. That is, for a given constant location in the body, the 
temperature is linearly dependent upon the heat generation in the system. Therefore, if the 
contact temperature is available, the realization of this linear dependence renders the task of back 
calculating the power dissipation  easy, provided that the system’s thermal behavior is known. In 
fact, a simple thermal analysis such as the one presented in this study can reliably reveal the 
correlation between the heat input and temperature in a tribological system. The comparison of 
the experimentally and numerically obtained temperatures reveals that in order to achieve a 
realistic prediction, it would be sufficient for such an analysis to be commensurate with the 
actual system in terms of boundary conditions, geometry and materials’ thermal properties.  
According to the FE results, an identical type of correlation can be found between the power 
dissipation and the temperature rise for locations other than the contact interface but with 
different linear coefficients; see Figure 4.9. Consequently, the temperatures at two points in a 
system can also be related using a simple coefficient. This feature of a thermal system obviates 
the need for direct measurement of contact temperature in case the contact interface is not readily 
accessible for temperature measurement. However, at locations further from the contact interface 
the sensitivity of the resulting temperature to the boundary condition becomes more pronounced. 
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Therefore, in view of the fact that the entire analysis depends on the value of the contact 
temperature, it is recommended that the temperature measurement is carried out as close as 
possible to the contact interface and that relatively accurate equipment is used to carry out the 
measurements. 
 
Figure 4.8. Frictional power dissipation plotted versus the rise in the bulk temperature of contact 
for the studied material pair in dry sliding. 
 
Figure 4.9. The correlation between the temperature rise and power dissipation for point A at the 
bottom of the steel specimen and for point B on the upper circumferential edge of the bottom 
holder. 
In view of the preceding discussion, a sliding system at steady state can be characterized based 
on the correlation between its wear rate and entropy flow rate. The entropy approach affords the 
possibility of wear measurement based on only one experimentally measured parameter, i.e. 
temperature. This method can alternatively be employed in variety of systems in which 
application of other methods is encumbered. In employing this approach there are few issues that 
need to be born in mind. First of all, a proper technique has to be adopted for wear rate 
assessment and the same method has to be implemented for its prediction in practice. Moreover, 
especial attention should be paid to temperature measurement to ensure both the absolute 
accuracy and the resolution of the measured contact temperature, which is the core parameter in 
application of the presented method. Further, it has to be noted that the temperature difference 
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between the analysis and the actual experiments should not be too large since the change in the 
thermal conductivity as well as other properties of the materials would come into effect which 
could lead to transition of wear mechanism in sliding systems [49]. Accordingly, it is advisable 
to carry out the thermal analysis using the material properties for relatively the same temperature 
range expected in practice.  
4.6. Conclusions 
The application of the principle of irreversible thermodynamics provides a promising tool for 
analyzing wear in sliding systems. Elements of degradation in a sliding system can be related to 
entropy generation by means of degradation coefficient as a characteristic parameter for a sliding 
pair operating under a specific sliding regime.  
Attainment of a macroscopic steady state during dry sliding permits entropy flow to be 
alternatively utilized to formulate a wear-entropy relation. Entropy flow in a dry sliding system 
with plastic deformation of contact interface as the primary dissipative process is comprised of 
entropy flow due to heat flow and wear particle ejection out of the sliding interface. Calculations 
based on the experimental results obtained in this study show that more than 98% of the entropy 
flowing out of the control volume surrounding the contact interface during steady state is 
associated with heat conduction.  
Based on the experimental results obtained for dry sliding of a brass alloy against hardened 
steel, a strong linear correlation is found to exist between the rates of steady state entropy flow 
and wear and also between rates of energy dissipation and wear. However, the correlation 
between entropy and wear is thermodynamically and physically more consistent and lends the 
degradation coefficient as a constant material property for the studied sliding pair. 
Having the degradation coefficient for a given sliding pair in practice, wear prediction can be 
accomplished by measuring the bulk temperature of the contact surface. In the next step, thermal 
analysis of the sliding system using an affordable tool such as finite element grants the 
possibility of finding the heat source or the frictional energy dissipation corresponding to the 
measured contact temperature. In fact, notwithstanding the existing uncertainties in definition of 
thermal boundary conditions in a sliding system, a simple finite element analysis can be 
successfully employed to analyze the sliding system to reveal the relation between the system’s 
heat input, i.e. frictional energy dissipation, and the contact bulk temperature during steady state. 
In this fashion, the rate of the entropy flow can be calculated and used to predict the wear rate. 
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4.8. Nomenclature 
B  Degradation coefficient in a system with a single dissipative process (for material 
wear as degradation, mm3.K.J-1) 
iB  Degradation coefficient linking the ith dissipative process with its entropy 
generation (for material wear as degradation, mm3.K.J-1) 
pc  Specific heat (J.Kg-1.K-1) 
h Convection heat transfer coefficient (J.s-1.m-2.K-1) 
j
iJ  The jth generalized thermodynamic flow rate associated with the ith dissipative 
process 
L  Normal contact load (N) 
outm&  Mass flow rate out of the interfacial contact layer due to wear (Kg.s
-1) 
1m&  Mass flow rate entering the interfacial contact layer from body #1 (Kg.s
-1) 
2m&  Mass flow rate entering the interfacial contact layer from body #2 (Kg.s
-1) 
ip  The ith dissipative process 
dP  Frictional power dissipation (J.s
-1) 
Q&  The rate of heat transferred away from the contact interface by conduction (J.s-1) 
1Q
&  The rate of heat conduction to the sliding body (J.s-1) 
2Q
&  The rate of heat conduction to the counter-body (J.s-1) 
convQ
&  The rate of heat convection at the free boundary of the sliding pair (J.s-1) 
flashs  Specific entropy at the flash temperature (J.K-1.Kg-1) 
bulks  Specific entropy at the bulk temperature of contact (J.K-1.Kg-1) 
S  Total entropy of the system (J.K-1) 
)(genS  Total entropy generation (J.K
-1) 
igenS )(  Entropy generation corresponding to the i
th dissipative process (J.K-1) 
S&  Rate of the total entropy change (J.s-1.K-1) 
)(genS
&  Rate of total entropy generation (J.s-1.K-1) 
igenS )(
&  Rate of entropy generation corresponding to the ith dissipative process (J.s-1.K-1) 
)( fS
&  Rate of total entropy flow (J.s-1.K-1) 
)(
)(
mass
fS
&  Rate of total entropy flow due to wear mass transfer (J.s-1.K-1) 
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t  Time (s) 
T  Absolute temperature (K) 
0T  Ambient temperature (K)  
bulkT  Absolute bulk temperature of the contact interface (K) 
flashT  Absolute flash temperature at the contact interface (K) 
V  Sliding speed (m.s-1) 
W  Total degradation (total wear, mm3) 
iW  Degradation due to the ith dissipative process (wear due to ith dissipative process, 
mm3) 
W&  Total degradation rate (total wear rate, mm3.s-1) 
iW
&
 Degradation rate due to the ith dissipative process (wear rate due to ith dissipative 
process, mm3.s-1) 
j
iX  The jth generalized thermodynamic force associated the ith dissipative process 
j
iY  The jth generalized degradation force associated with the ith dissipative process 
ρ  Density (Kg.m-3) 
j
iζ  The jth phenomenological variable controlling the ith dissipative process 
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Chapter 5: Prediction of wear in reciprocating dry sliding via 
dissipated energy and temperature rise§ 
 
 
 
5.1. Introduction 
From prehistory to the modern age, the universal presence of friction has constantly driven 
mankind to study its complex nature. Yet a comprehensive understanding of friction has not been 
fully achieved, in large parts, due to the multiplicity of underlying processes that are closely 
intertwined. Among different manifestations of friction, wear of materials has received particular 
attention on the account of economic implications ensuing from loss of material, energy and 
functionality. Of great concern in many engineering applications is wear of machinery 
components operating under oscillatory motion. Such operating conditions, even in the presence 
of a lubricant, may result in severe wear of the contacting surfaces due to the disruption or lack 
of a sufficient lubricant film. Given the complex nature of wear and the attendant underlying 
processes, the exact quantification of wear becomes particularly complex in oscillatory contacts. 
Elements contributing to this complexity include variation of the sliding speed, the effect of wear 
debris, and the occurrence of stick-slip in fretting, etc.  
Prediction of adhesive wear, traditionally, has been accomplished by the well-known Archard’s 
law which correlates the wear volume, ¡, with the sliding distance, , the normal load, , and 
the material’s hardness, , in the following form: 
¡ = { 	            (1) 
where K is the non-dimensional wear coefficient specific to the material and surface type as well 
as the sliding conditions. Nevertheless, circumstances may arise in which the classical Archrad’s 
equation ceases to be valid. Wear associated with fretting and, in general, in cases involving 
oscillatory sliding is known to deviate from the classical Archard’s wear law [1-3]. Variations of 
the sliding speed or friction force in such conditions must be taken into account if accurate 
estimation of wear is desired. As shown by recent studies on the numerical prediction of fretting 
wear, this can be achieved by local application of the Archard’s law [4-6]. 
An alternative approach to characterize the sliding behavior and to predict wear under 
oscillatory sliding conditions is to utilize the so-called energy dissipation approach. Matveeskey 
[7], in 1965, was among the first to report a correlation between the frictional energy dissipation 
and wear. The validity of the energy dissipation approach for assessment of wear—as a standard 
alternative to Archard’s equation—has since been established through extensive research work 
                                                           
§ Reprinted by permission from Tribology Letters, Springer (see Appendix) 
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during the last two decades. Copious test results obtained under a variety of experimental 
conditions [1-3,8-28], e.g. different surface coatings, loading conditions, relative humidity, 
temperature and lubrication, reveal a very good linear relationship between the total wear volume 
and the accumulated dissipated energy. In fact, the energy approach is, in general, a much better 
tool for prediction of wear under fretting, oscillatory and even unidirectional sliding conditions 
[29]. As shown in recent studies [3,9,17], this approach can also be successfully implemented in 
finite element codes for numerical prediction of wear.  
According to the energy approach, there exists a linear correlation between the amount of 
frictional energy dissipation and the wear volume generated in a sliding contact. Believed to be 
unique for a given pair of contacting materials under a specific wear regime, this correlation can 
be obtained in the laboratory environment by monitoring the friction force, the sliding speed and 
the wear volume. However, unlike the unidirectional sliding configuration, calculation of the 
frictional dissipated energy in oscillatory sliding is encumbered by incessant and rapid variations 
of the sliding speed and the friction force. Accordingly, very fast and high precision instruments 
are typically necessary to measure and record the sliding parameters needed for calculation of the 
dissipated energy in oscillatory contacts. In practice, however, this may become a limiting issue 
since many machinery components do not easily lend themselves to instrumentation. Real-time 
processing or post-processing of the data to calculate the energy dissipation from the hysteresis 
loops is also a rather cumbersome task [14] posing further difficulties for application of the 
energy approach in oscillatory contacts. 
To surmount these hurdles, measurement of the dissipated energy can alternatively be achieved 
by means of indirect methods such as thermal dissipation measurement [27]. Analysis of acoustic 
emission [30-32] may also be used as an alternative technique to characterize the energy 
dissipation. While the need for high precision instruments still remains with the acoustic 
emission technique, the dissipated thermal energy can be readily measured by means of simple 
temperature sensors, therefore providing unique advantages over other techniques. Under dry 
sliding conditions, it can be assumed, with reasonable approximation, that all of the energy 
dissipated through friction is transferred to the contacting bodies as heat [33-35]. Accordingly, 
the rise in the temperature of contact can be used to calculate the frictional energy dissipation. 
The validity of this technique for the case of unidirectional dry sliding contact has been 
demonstrated by the authors in a previous study [27] where a veritable correlation was found to 
exist between the contact’s bulk temperature rise and the frictional power dissipation.  
Sliding contacts involving oscillatory motion are anticipated to behave differently not only in 
terms of their thermal response but also in view of their different tribological characteristics as 
mentioned above. Such contact conditions frequently arise in numerous applications, such as in 
sealing components in reciprocating pumps, compressors and valves. The present study seeks to 
investigate the case of a reciprocating contact under dry sliding. Laboratory experiments 
covering a relatively wide range of loading conditions are conducted. Proposed is a simple, yet 
realistic, methodology to facilitate calculation of the frictional power dissipation and the 
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temperature rise and to obtain their relationship with the wear rate. As a part of an alternative 
wear prediction methodology, a finite element analysis is carried out to identify the thermal 
behavior of the system. Having known the relation between the contact’s bulk temperature rise, 
the energy dissipation and wear behavior, a simple approach is then proposed for wear prediction 
that, in contrast to other techniques, only requires the knowledge of contact’s average 
temperature rise. 
5.2. Analysis and methodology 
Quantification of the energy dissipation is an integral part in application of the energy approach 
for wear prediction. In many dry sliding contacts, this task can be facilitated by measuring the 
frictional heat as the manifestation of frictional power dissipation. This, in turn, can be achieved 
by measuring the contact temperature rise via optical thermography or using thermocouples. In 
light of the experimental and numerical results reported in literature for the case of unidirectional 
sliding [27,36,37], it is posited—and can be theoretically proven for simple cases—that for a 
given sliding configuration and boundary conditions in steady state, there exists a linear relation 
between the tribo-system’s heat input and  its temperature rise at a given point of interest. 
However, unlike unidirectional sliding, the contact temperature in oscillatory sliding does not 
remain constant as it has an oscillatory nature, which, in effect, complicates the identification of 
the relation between the system’s energy dissipation and thermal response. Further, given the 
contact’s oscillatory nature, fluctuations are also inherent in system’s wear rate even within a 
single sliding cycle. Application of the energy approach in oscillatory contacts would therefore 
require the knowledge of the instantaneous wear rate, contact temperature and power dissipation. 
This issue renders the wear prediction methodology, as proposed for unidirectional sliding, 
inapplicable for oscillatory contacts. Experimental and theoretical analyses, therefore, are carried 
out in the present study to devise a simple, yet realistic, technique for prediction of wear in 
oscillatory contacts. Before delving into analysis, it is useful to briefly review the thermal 
behavior of oscillatory contacts. 
5.2.1. Thermal analysis in oscillatory contacts 
Analytical formulas for contact temperature are available in literature, as pioneered by Blok 
[38] and Jaeger [39], but they often bear restrictive assumptions such as unidirectional motion, 
infinite conductor or adiabatic slider. In oscillatory sliding contacts, the thermal analysis requires 
consideration of the time variation and the periodic motion of the heat source. Therefore, 
numerical techniques are often needed to obtain the temperature rise. Of particular interest in the 
present work is a study carried out by Tian and Kennedy [40] who showed, by means of 
numerical analysis and experimental measurements, that the surface temperature rise in an 
oscillatory contact can be envisioned as the sum of a nominal temperature rise and a cyclic local 
temperature. While the local surface temperature rise is the corollary of small-scale heat flow 
restriction [41], the nominal surface temperature rise is caused by large-scale heat flow 
restriction, and as such is a function of the thermal properties and the boundary conditions 
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[40,41]. These observations are verified via measurement of the contact temperatures by the 
virtue of a specially-designed thin-film thermocouple capable of capturing the rapid oscillations 
of surface temperature [40]. Given that such precision instruments are not readily available to be 
used in every practical application, it is proposed in the present study that the average nominal 
contact temperature rise can alternatively be used for wear analysis.  
According to Tian and Kennedy [41] the nominal contact temperature rise in oscillatory sliding 
can be obtained by redistributing the total heat flux over the entire sliding track. In this fashion, 
the original heat generation rate in the nominal contact area is applied on the entire sliding area 
swept out by the oscillating heat source such that the total heat generation rate entering the body 
remains the same. Let us assume a flat-end circular pin with the radius of ¯ is reciprocating on 
the surface of a flat specimen at the amplitude of	, frequency of °, and is subjected to the normal 
force of . Assuming uniform pressure distribution, 	 = ±
 , friction coefficient, 4	, and 
sinusoidal displacement, the rate of frictional heat generation, , per unit area of the circular 
contact is:  = |sin	(2,°²)|          (2) 
where  = (2,°)4. Then, for a circular heat source in linear reciprocating motion, the heat 
generation rate to be applied on the entire sliding area should be scaled as follows:   = ±
±=±
 |sin	(2,°²)|         (3) 
The procedure presented so far reduces the problem of an oscillating periodic heat source into a 
redistributed stationary heat source. However, the heat source itself is still periodic in nature as 
are the contact temperatures resulting from it. Therefore, a technique proposed by Greenwood 
and Alliston-Greiner [42] is used here to obtain the average temperature of contact. Accordingly, 
the heat generation rate in Eq. 3 can be rewritten in two parts by means of Fourier analysis [42]:  = x³´ − x³´ ∑ ( '
) cos(2Q°,²)':__'        (4) 
where  = ±
±=±
 . According to this decomposition, the temperature rise due to a 
stationary, but periodic heat source,		, is separated into an average contact temperature rise due 
to a constant mean heat generation rate, 
x³´ , and a cyclic temperature oscillating about the 
average temperature rise. Therefore, by applying the mean heat generation rate over the entire 
sliding track it is possible to estimate the average contact temperature without significant error. 
However, heat partitioning must be properly performed in order to ensure the validity of the 
resulting contact temperatures.  
It must be noted that the proposed technique may not be used for calculation of the exact value 
of contact temperatures that result from an oscillatory heat source. The proposed technique, in 
contrast, is intended for estimation of the average values of such oscillatory temperatures. The 
modeling procedure presented above is employed in the following section to estimate the 
average contact temperature rise for the experimental setup in this study. The details of the 
experiments and the procedures involved will be presented later in Section 5.3.  
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5.2.2. Finite element modeling 
The ANSYS finite element package [43] is utilized in this study to provide a convenient tool 
for prediction of the average temperature rise in reciprocating contacts according to the 
abovementioned procedure. The validity of this technique is later examined by comparing the 
average temperature predictions with experimental measurements.  
Modeling of heat partitioning 
A major difficulty in problems involving moving heat source is the assessment of heat 
partitioning between the sliding counterparts. Studies addressing this issue are abundant, as are 
the methods to treat the problem. While some studies assume identical average temperatures on 
opposite contacting surfaces [44-46], others consider continuity of the local temperatures across 
the interface to obtain the heat partitioning factor [47-50]. Perusal of these studies indicates that 
heat partitioning depends on a variety of factors, e.g. thermo-physical material properties, 
geometry, boundary conditions, contact type, relative velocity, and therefore is specific to the 
given sliding system in practice.  
The methodology adopted in the present study to obtain the average contact temperatures in the 
reciprocating contact involves reducing the problem of an oscillating heat source to a 
redistributed stationary heat source. To carry out the heat partitioning analysis, however, the 
actual contact and heat source geometry must be considered. Figure 5.1 shows a finite element 
(FE) mesh that utilizes three-dimensional thermal elements, SOLID70. Depending on its shape, 
this element has a maximum of 8 vertex nodes, with each node having a single degree of 
freedom, temperature [43]. This FE model represents the experimental setup used in this study 
(see Section 5.3) and includes the stationary pin in contact with the lower specimen. Referring to 
Figure 5.1, the upper portion of the model is stationary whereas the lower portion is subjected to 
oscillatory motion in the experiments. It is, however, noted that the thermal analysis carried out 
in this study does not simulate the actual oscillation of the lower portion. Nevertheless, as 
explained in the following, the effect of oscillation is considered in estimation of the heat 
convection for the lower portion of the model.  
Also included in the FE model are parts of the upper fixture and lower reciprocating table but 
only up to the extent where the temperatures of the machine part match the ambient temperature 
of T∞=25ºC, according to the experimental observations. As a result, constant temperature 
boundary conditions, equal to the ambient temperature, can be appropriately applied on those 
surfaces where the rest of the machine is cut off (Ω); see Figure 5.1. Considering the symmetry 
of the model with respect to the YZ plane, only half of the geometry is modeled with symmetry 
boundary conditions applied accordingly (Ω· in Figure 5.1). Enforced on the remaining free 
surfaces (Ω and Ω/ in Figure 5.1) is the heat convection boundary condition. For the surfaces of 
the stationary upper section, an average convection heat transfer coefficient value of ℎ'= 6 
W/(m2.K) is estimated assuming natural convection under the range of experimental conditions 
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in this study [51]. Forced convection is assumed for the lower section of the model as it is 
subjected to reciprocating motion in experiments. For each loading case, depending on the 
frequency and amplitude of the oscillation, the average velocity is used to estimate the 
corresponding forced convection coefficient, ℎv. For the range of loading conditions in the 
present study, the value of the forced heat convection coefficient is estimated to vary between 
7.2 and 12 W/(m2.K) depending on the average velocity [51]. The reader is reminded that for the 
range of loading conditions in this study the heat convection coefficient does not strongly 
influence the resulting contact temperatures. For example, a 50% increase in the heat convection 
coefficient is found to bring about only 2% decrease in the average contact temperature. In 
contrast, at locations far from the contact zone, the influence of the convection coefficient 
becomes more pronounced.  
 
Figure 5.1. The finite element model of the sliding pair and the test rig, illustrating the contact 
heat flux area (Ω), and the boundary surfaces for constant temperature (Ω), symmetry (Ω·), 
natural (Ω) and forced convection (Ω/). 
The governing equations and the boundary conditions can be summarized in the following 
form: ∇9 = 0            (5) 9 = 9 on Ω           (6) 
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¹ NN' = º»
¼ 																												on	Ω−ℎ'(9 − 9)					on	Ω−ℎv(9 − 9)						on	Ω/	0                            on Ω·
        (7) 
where ¹ is the thermal conductivity, and ℎv and ℎ denote the forced and natural heat convection 
coefficients, respectively.  
Perfect contact is assumed between the pin and the flat specimen, and also between all other 
connected components in the model. Material properties are defined for each component of the 
model according to Table 5.1. Next, surface heat generation equal to the average power 
dissipation measured from the experiments is applied at the contact interface (Ω) for each case 
of loading condition; see Table 5.2 in Section 5.4 for the complete list of loading conditions. 
Computations are carried out in steady state, and for each loading condition, the values of the 
heat flux into the pin and flat specimen are calculated to obtain the heat partitioning factor.  
Table 5.1. Material properties 
 Thermal and physical properties [52,53] 
 
Hardness  
(MPa) 
Density 
 (Kg.m-3) 
Thermal conductivity  
(W.m-1.K-1) 
Specific heat 
(J.Kg-1.K-1) 
SAE 4140 (Flat specimen) 5168 7830 42.7 473 
Brass C36000 (Pin) 1069  8500 115 380 
SAE 51440 C (Reciprocating table 
and the connecting rod) 
 7680 24.2 460 
Bronze C93200 (Bronze sleeve)  8930 59 376 
SAE 30303 (Pin holder)  7930 15 502 
The simulations show that depending on the loading condition, 68% to 71% of the total heat 
generation flows into the flat specimen. These results are obtained using an FE mesh with 99,561 
elements. Higher and lower mesh densities are also tested to ensure mesh-independency of the 
solution. The variation of the heat partitioning factor obtained in this fashion is due to the 
consideration of oscillation velocity in calculation of the heat convection coefficient.  Higher 
frequencies and oscillation amplitudes result in increased convection heat transfer coefficient on 
the lower section of the model, thereby increasing the percentage of the total heat generation that 
flows into the lower section. Nevertheless, as it transpires, for the range of operating conditions 
in this study, the heat partitioning factor is not strongly influenced by the heat convection 
coefficient. The heat partitioning factor obtained here is used in the next section to predict the 
average contact temperatures. 
Average contact temperature 
As mentioned in detail previously, the average contact temperatures can be predicted by 
redistributing the average heat generation rate over the entire sliding track. Having obtained the 
heat partitioning factors, the upper portion of the model is eliminated at this step, as the heat flux 
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should be applied on an imaginary contact area which extends over the entire sliding track. 
Symmetry and constant temperature boundary conditions along with forced convection heat 
transfer on the remaining free surfaces are applied in a fashion similar to the previous section. 
Next, for each loading condition, the average mean heat generation rate in Eq. 4 (
x³´ ), scaled by 
the corresponding heat partitioning factor, is applied as a heat flux on the entire sliding track. 
The steady-state solution is ultimately obtained for the average contact temperatures. The results 
of the FE simulations and experimental tests are presented and discussed later in Section 5.4. 
 
5.3. Experimental procedures 
5.3.1. Specimens and the apparatus 
Experiments are carried out in order to ascertain the relationship between the wear rate, power 
dissipation and temperature rise under oscillatory dry sliding conditions. To facilitate the 
comparison of the results with those of the unidirectional dry sliding tests, the same material 
types are chosen for the contact pair which is comprised of a flat-end circular brass pin and a 
hardened steel flat plate; see Figure 5.2. The corresponding material properties are summarized 
in Table 5.1. An instrumented universal tribometer, equipped with a crankshaft mechanism is 
utilized to carry out the tests; see Figure 5.3. This apparatus is capable of producing precision 
linear reciprocating motion, resulting in adjustable stroke lengths up to 25 mm, and maximum 
frequency of 25 Hz. High precision force sensors (with a resolution of 0.05 N) and built-in 
optical displacement sensors (with a resolution of 0.5 µm) ensure both the accuracy and 
repeatability of the test results. 
 
The steel plate is affixed to the lower table which provides the reciprocating motion. The brass 
pin is held against the reciprocating flat specimen by means of a pin holder attached to the 
friction force sensor; see Figure 5.3. The normal force is applied to the pin holder via a 
displacement controlled upper carriage drive which can move up and down with a resolution of 
0.5 µm (Figure 5.3). The upper drive also houses the normal force sensor and thereby adjusts the 
vertical position of the upper carriage to apply and maintain the desired value of the normal force 
throughout the test. Test data are recorded and stored on a computer via an integrated data 
acquisition system with the maximum sampling rate of 1 kHz. However, to optimize the post-
processing and computation time, the sampling of the data is performed at a reduced rate of 0.1 
kHz. 
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Figure 5.2. Dimensions of the brass pin (upper left) and the steel plate (upper right) in milimeter, 
with the contact assembly shown in the bottom. 
 
Figure 5.3. The simplified schematic diagram of the test setup  
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5.3.2. Test parameters and measurements 
Temperature  
Measurement of the contact temperature is accomplished by means of a T-type thermocouple. 
Given the measured hardness of the contacting pair (Table 5.1), it is evident that brass will wear 
much more significantly compared to steel. Therefore, a thermocouple hole (Φ 0.76 mm × 4.83 
mm) is drilled in the steel specimen underneath the center of the sliding track such that the 
thermocouple lies only 0.50 mm away from the surface. The thermocouple used in this study 
features a resolution of 0.1ºC and a time constant of 0.01 s and has a bead diameter of 0.74 mm. 
It is worthwhile to note, that the thermocouple hole was not considered in the FE simulations in 
order to avoid undue complications in the FE model. A second thermocouple—of the same 
type—is used to monitor the laboratory temperature, which allows calculation of the contact 
temperature rise with respect to the laboratory temperature. The calibration of the temperature 
measurement system is verified for the temperature range of 0-100ºC. 
In order to obtain the average contact temperature, the variation of the temperatures throughout 
each reciprocating cycle is recorded. Simple time averaging is used to obtain the average 
temperature during the steady state. Despite the oscillations of the contact temperature, a quasi 
steady state is considered to be achieved when the average contact temperature becomes nearly 
constant and does not increase with continuing cycles. This quasi steady state, henceforth, is 
simply referred to as the steady state.  
Wear rate 
Wear rate is continuously monitored by recording the displacement of the upper drive. As wear 
progresses in the brass pin, the upper drive moves downward to maintain the normal force value. 
Measurement of wear in this fashion is preferred over the traditional weighing method, because 
it readily yields the wear rate and obviates the need to interrupt the tests for measurement of the 
specimens’ weight. Weighing of the specimens was, however, performed in few tests, only to 
ascertain that wear occurs almost exclusively in the brass pin, and hence can be successfully 
measured by the proposed technique. The actual volumetric wear rate is then obtained from the 
product of the linear wear rate and the nominal contact area. It is worth mentioning that the 
proposed wear measurement technique might lead to a minor overestimation of the wear rate in 
view of the fact that the actual contact area is always smaller than the apparent contact area due 
to the presence of surface asperities. However, given the relatively low roughness value of the 
contacting surfaces before and after the tests, any resulting overestimation is believed to be 
insignificant. Moreover, as long as the same technique is employed for wear prediction in all of 
the tests, the results are expected to be consistent. It is also necessary to mention that wear 
measurements based on this technique are affected by the thermal expansion of the contacting 
bodies as well as the components of the test device. However, since wear measurements are 
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considered only after the steady-state condition is attained, i.e. when the average contact 
temperature becomes steady and stable, no further thermal expansion occurs. 
Similar to the contact temperature, the wear rate is also expected to vary throughout each 
reciprocating cycle even under steady-state condition. Therefore, to facilitate the analysis, an 
average wear rate, § ] , is defined as follows: § ] = ±
0r0³  §(½)½0r0³          (8) 
where ²v and ² are, respectively, the time at the end of the test, and the time at which the steady 
state is achieved, and §(½)is the displacement rate of the upper carriage, as directly measured by 
the optical encoder. Of course, theoretically, it is expected that the value of the average wear rate 
does not change from one cycle to the next during the steady state. Nevertheless, small variations 
are likely to occur in practice, which in turn, require the averaging to be made over the entire 
duration of the steady state. It is to be noted that Eq. 8 assumes a uniform wear pattern for the pin 
which is in accord with the experimental observations. 
Power dissipation 
The most common practice for calculating the dissipated energy in reciprocating sliding is to 
evaluate the area enclosed within the so-called hysteresis loops in the friction-displacement 
graphs. Two typical hysteresis loops are illustrated in Figure 5.4 for two different test conditions. 
An optical encoder is used to measure the sliding displacement (Figure 5.3). It is worthwhile to 
note that the displacement values measured by the encoder correspond to the displacement of the 
reciprocating table only. To obtain the relative sliding displacement between the pin and the 
plate, first, the total compliance of the test setup is obtained by calculating and adding the 
compliance of the specimens (0.153 µmN-1 ) to the compliance of the apparatus given by the 
manufacturer (0.082 µmN-1). Next, the relative sliding displacement is calculated by subtracting 
the total displacement of the test setup, as a result of its compliance, from the encoder 
measurements according to the following formula:  ¤± = ¤_ − (3 × p)          (9) 
where ¤± and ¤_ are the relative sliding displacement and the displacement measured by the 
encoder respectively, 3 is the friction force, and p represents the total compliance of the test 
setup (0.235 µmN-1).  The relative sliding displacement is then used in generation of the 
hysteresis loops and calculation of the dissipated energy. The hysteresis loop area (cyclic energy 
dissipation) is ultimately calculated by numerical integration over the data. Subsequently, an 
average steady-state friction coefficient can be obtained as follows: 4̅ = ¿=            (10) 
where KD is the cyclic energy dissipation averaged over the entire steady state cycles.  
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Figure 5.4. Typical steady-state hysteresis loops plotted for two loading conditions involving 
maximum and minimum sliding amplitudes. 
It is noted that in the present study the rate of energy dissipation, i.e. power dissipation, is 
preferred over the accumulated energy dissipation as it allows for establishing a relationship with 
the system’s thermal response and the wear rate. As with the contact temperature and the wear 
rate, the power dissipation is also subject to cyclic variations in oscillatory contacts. Therefore, 
to facilitate the analysis, it is useful to define an average value for the power dissipation over a 
cycle: 
] = °4̅  ¥²hr           (11) 
where ¥ is the time-dependent sliding speed the value of which is given by: ¥ = 2,°|cos(2,°²)|          (12) 
Subsequently, the integral in Eq. 11 can be solved to obtain the expression for the average power 
dissipation: ] = 4°4̅            (13) 
5.4. Results and discussions 
Thirty two (32) experimental tests are conducted that cover a relatively wide range of operating 
conditions. Specifically, four different normal force values (100, 200, 400 and 600 N), five 
different oscillation frequencies (1, 1.5, 2, 3 & 6 Hz) and five oscillation amplitudes (1, 2, 3, 4 
and 5 mm) are tested; see Table 5.2 for details. The sliding amplitudes are chosen, in line with 
the objective of the present study, to produce fully reciprocating sliding. To carry out each test, 
fresh contacting surfaces are used. Prior to each test, the contacting surfaces are cleaned with 
acetone and polished using ultra-fine (grit 1000) silicon carbide sandpaper. Tests are carried out 
under laboratory temperature of 25 ± 0.5 ºC and approximate relative humidity of 10%. All of 
the sensors are calibrated prior to experiments in order to achieve reliable measurements of the 
energy dissipation, wear rate and the average contact temperature. Once the steady state is 
determined for each test, it is then continued for at least thirty (30) more minutes to record and 
process the parameters required for analysis. The results are presented below. 
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Table 5.2 summarizes the results of the FE simulations and experimental tests, including the 
measured average contact temperatures, average power dissipation, friction coefficient and the 
average wear rate, all given as mean values during the steady state. The temperature evolution, 
however, is monitored from the start of each test so as to determine the beginning of the steady 
state. The temperature evolution patterns for several test conditions are illustrated in Figure 5.5. 
As seen, the average contact temperatures tend to become steady after a certain period of time as 
designated by a vertical line on each graph. However, minor fluctuations of the average contact 
temperature are observed during the steady state, which tend to increase at higher energy 
dissipation rates. Attributed to the nature of evolutions in a real contact interface, these 
fluctuations are not merely measurement errors, but rather manifestations of the transitory 
interactions between the contact surfaces themselves and the wear debris. Notwithstanding the 
fluctuations of the average contact temperature, its mean value throughout the steady state 
remains almost constant. Values of the average contact temperature rise reported in Table 5.2 
are, as mentioned above, the mean values during the steady state. Finite element predictions of 
the average contact temperature are also reported in Table 5.2 and correspond to the location of 
the thermocouple in experiments, i.e. 0.5 mm below the surface at the center point of the sliding 
track. A typical temperature distribution in the reciprocating section of the model, pertaining to 
test #19, is also demonstrated in Figure 5.6 as obtained from the FE analysis.  
Referring to Table 5.2, the comparison of the measured average contact temperatures with 
those calculated by the FE method indicates a good agreement between the predictions and 
experimental measurements, thereby verifying the validity of the proposed methodology for 
estimation of the average contact temperature. In what follows the results of FE modeling and 
experimental tests are examined to identify the relationships between the temperature rise, power 
dissipation and wear, and to provide a convenient wear prediction methodology for reciprocating 
sliding condition. 
 
Figure 5.5. Experimental evolution of the average contact temperature for tests #19, #25 and #28, 
and the corresponding steady-state FE predictions. The vertical lines on each graph indicate the 
time at which the steady state is identified during the experiments. 
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Figure 5.6. Temperature distribution throughout the lower section of the model for the test #19. 
Table 5.2. Results of experimental tests and FE simulations.  
Test  
No. 
Stroke 
range 
(mm) 
Frequency 
(Hz) 
Normal 
load 
(N) 
Friction 
coefficient 
Average 
power loss 
(W) 
Average wear 
rate  
(mm3.s-1) 
Average contact 
temperature rise (○C) 
  FE Experiments 
1 10.0 1.0 100 0.51 1.020 3.472×10-3 3.18 3.4 
2 10.0 2.0 100 0.51 2.039 7.176×10-3 6.16 6.5 
3 10.0 1.0 400 0.38 3.036 1.192×10-2 9.44 10.2 
4 10.0 2.0 400 0.37 5.913 2.298×10-2 17.87 17 
5 8.0 1.0 100 0.47 0.752 2.825×10-3 2.43 2.8 
6 8.0 1.5 100 0.49 1.175 4.029×10-3 3.74 4.4 
7 8.0 3.0 100 0.46 2.207 8.931×10-3 6.77 7.1 
8 8.0 1.0 200 0.49 1.566 5.710×10-3 5.05 5.9 
9 8.0 1.5 200 0.48 2.302 7.674×10-3 7.31 7.9 
10 8.0 3.0 200 0.40 3.837 1.370×10-2 11.72 12.2 
11 8.0 1.0 400 0.36 2.301 1.009×10-2 7.44 7.6 
12 8.0 1.5 400 0.38 3.642 1.512×10-2 11.57 12.7 
13 8.0 3.0 400 0.36 6.902 2.957×10-2 21.09 20 
14 6.0 1.0 400 0.44 2.107 8.192×10-3 7.04 7.6 
15 6.0 2.0 400 0.41 3.927 1.355×10-2 12.81 12.2 
16 6.0 3.0 400 0.37 5.317 2.193×10-2 17.21 17.5 
17 6.0 1.0 600 0.40 2.871 1.143×10-2 9.59 9 
18 6.0 2.0 600 0.40 5.741 2.284×10-2 18.73 16.9 
19 6.0 3.0 600 0.39 8.397 3.342×10-2 27.17 26.3 
20 4.0 1.0 100 0.68 0.543 1.651×10-3 1.87 2 
21 4.0 2.0 100 0.68 1.086 3.919×10-3 3.65 4.1 
22 4.0 3.0 100 0.66 1.582 4.884×10-3 5.24 5.1 
23 4.0 1.0 400 0.56 1.784 5.453×10-3 6.13 6.7 
24 4.0 2.0 400 0.51 3.250 1.072×10-2 10.94 9.6 
25 4.0 3.0 400 0.48 4.590 1.563×10-2 15.22 13.9 
26 4.0 1.0 600 0.41 1.958 6.690×10-3 6.73 6.5 
27 4.0 2.0 600 0.42 4.011 1.419×10-2 13.50 13.4 
28 4.0 3.0 600 0.42 6.017 2.155×10-2 19.95 18.5 
29 2.0 3.0 200 0.55 1.314 5.550×10-3 4.52 5 
30 2.0 3.0 400 0.50 2.380 9.657×10-3 8.18 8.5 
31 2.0 6.0 200 0.61 2.913 1.082×10-2 9.80 9.3 
32 2.0 6.0 400 0.51 4.855 1.843×10-2 16.32 16.4 
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5.4.1. Wear rate vs. power dissipation  
The average steady state wear rate is plotted vs. the average power dissipation in Figure 5.7 for 
32 test conditions. Noticeably, there exists a very good linear correlation that persists over a wide 
range of loading conditions. A power dissipation-wear (PDW) factor can be calculated based on 
the slope of this linear relationship. Accordingly, the following characteristic relation can be 
proposed for the present tribo-system: § ] = À]             (14) 
where À is the PDW factor and is equal to 4.02 × 10·	mm·J	 for the present sliding 
configuration. In this equation, the small intercept with the y-axis is neglected as being primarily 
due to experimental measurement error. It must be noted that similar linear correlations between 
the wear volume and the accumulated dissipated energy are frequently reported in the literature 
[1-3,8-27,36,54-56]. 
 
Figure 5.7. Average wear rate vs. average power dissipation in reciprocating sliding of a brass 
pin against hardend steel. 
The PDW factor is believed to be a characteristic property of a given pair of materials in dry 
sliding. In light of the previous experimental results obtained for a disk-on-disk configuration in 
unidirectional sliding [27], it can be inferred that the PDW factor may depend on the sliding 
mode as well. Earlier experiments [27] were conducted with the same material types and were 
subjected to a similar range of loading conditions. Yet the value of the PDW factor obtained in 
the previous study (8.83×10-3 mm3J) is twice as large as the value obtained for reciprocating 
configuration (4.02×10-3 mm3J). This difference can be attributed to the role of wear debris in 
reciprocating contacts. In addition to its well-recognized role as the third body [57,58], the wear 
debris in reciprocating sliding performs a more important function in comparison with 
unidirectional sliding. The reverse sliding motion in reciprocating contacts results in re-entry of 
the ejected wear debris into the contact interface. This, in turn, may result in completely opposite 
consequences depending on the type of wear debris. Trapped in the contact interface, hard wear 
debris promotes wear whereas soft debris tends to reduce it by acting as a protective layer. Such 
an effect is documented by Varenberg et. al. [55] in their examination of the role of oxide wear 
§ ] = 4.02×10-3Pav -7.40×10-4 
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debris in fretting wear, and also by Mesgarnejad and Khonsari [59] in investigation of the coated 
ball bearings under oscillatory motion. In the case of present study, wear particles are very soft 
as they are exclusively produced from the softer material, i.e. brass, and in effect, are expected to 
limit the debris generation and reduce the effective wear rate.   
The PDW factor, as obtained above, is expected to be valid over a wide range of loading 
conditions.  Nevertheless, it must be noted that the uniqueness of the PDW factor as well as the 
validity of this statement is predicated upon the specific wear mechanism. In other words, if the 
active wear mechanism changes under a different sliding configuration or if transitions of wear 
regime occur during the operation, the PDW factor will quite possibly change as well. 
5.4.2. Modified Archard’s law 
The classical Archard’s law (Eq. 1), explicitly expresses a linear correlation between the wear 
volume, W, and energy, i.e. as the product of normal force, N, and the sliding distance, X. The 
effects of material properties and the friction coefficient, on the other hand, are subsumed in the 
Archard’s wear coefficient, K, which is a constant property for a given friction pair. By the virtue 
of the energy approach, the classical wear coefficient can be modified to take into account the 
variations of friction coefficient in reciprocating sliding.  
Starting from Eq. 14 and replacing the average power dissipation from Eq. 13, the following 
equation is obtained: § ] = 4À°4̅           (15) 
Next, the average wear rate is converted into wear volume by multiplying Eq. 15 by (Q ° ) which 
is the length of time required to complete n number of oscillatory cycles: ' = 4À4̅Q           (16) 
where ' represents the wear volume after n number of cycles. Alternatively, one can rewrite the 
above equation using the total sliding distance after n cycles, ': ' = À4̅'           (17) 
where ' = 4Q. The above equation can be expressed in the form of a modified Archard’s 
equation: ' = {Â 	            (18) 
where {Â can be considered as the modified Archard’s coefficient for the reciprocating sliding 
configuration, given by: {Â = À4̅           (19) 
Equations 18 and 19 clearly show the dependence of the Archard’s wear coefficient on the 
friction coefficient which is in line with findings reported elsewhere [60,61]. These equations 
also suggest that the wear coefficient can be modified to include the effect of variable friction 
coefficient. For the sliding configuration in this study, the modified wear coefficient is found to 
be 1.5 × 10· < {Â < 2.9 × 10· depending on the average friction coefficient. This range of 
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wear coefficients may be compared with the coefficients typically reported in literature for brass 
on steel (6× 10) [61]. However, it must be noted that a direct comparison with the data in 
literature is not possible, primarily, as they are obtained under unidirectional sliding. 
Furthermore, one should also note that the results in literature pertain to laboratory tests with a 
different type of steel. 
5.4.3. Temperature rise vs. wear rate 
To identify the relationship between the temperature rise and the wear rate, the values of 
measured average contact temperature rise are plotted vs. the average wear rates in Figure 5.8. 
Each data point in this figure corresponds to a different test condition specified in Table 5.2. 
Evident in Figure 5.8, is a good linear correlation between the temperature rise and wear rate. 
However, it must be noted that despite the existence of a veritable correlation between the 
temperature rise and wear rate, its nature is essentially different compared with the correlation 
between power dissipation and wear rate. The correlation between power dissipation and wear is 
an intrinsic property of a contacting pair and the sliding mode, and as such, appears to be 
independent of the geometry and boundary conditions. The correlation between temperature rise 
and wear, in contrast, is expected to be influenced by the geometry and boundary effects. This 
dependence is, in fact, anticipated inasmuch as the geometry and boundary conditions can 
influence the resulting contact temperatures for a given power dissipation value. For instance, for 
a given heat generation rate, the contact temperatures will be lower if the convection is increased 
on the boundaries and vice versa.  
 
Figure 5.8. Average wear rate vs. average contact temperature rise in reciprocating sliding of a 
brass pin against hardend steel. 
However, for the range of loading and boundary conditions in the present study, it is seen that 
the boundary effect remains minimal if the variation of the boundary conditions is limited. 
Accordingly, if the correlation between the wear rate and the contact temperature rise is known 
for a sliding system under a given range of boundary conditions, then the wear rate can be 
conveniently estimated by measuring the contact temperature rise. In the absence of the 
§ ] = 1.36×10-3 ΔT-1.83×10-3 
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correlation between the wear rate and temperature rise, the temperature rise itself can be 
successfully utilized to predict the wear rate. As shown in this study, a finite element analysis 
serves to reveal the relationship between the power dissipation and temperature rise for a given 
loading condition. The FE analysis can also be employed to carry out the inverse thermal 
analysis to find the value of the heat generation rate that would result in the observed 
temperature rise for the given combination of the tribo-system and boundary conditions. It is 
noted that other thermal analysis techniques involving combinations of numerical and analytical 
methods are also available [62-64] that can be utilized for inverse thermal analysis. The heat 
generation rate, i.e. power dissipation, calculated in this fashion, can then be used to estimate the 
wear rate based on the correlation between power dissipation and wear rate.  
As an example, the abovementioned procedure has been implemented for the tribo-system in 
this study. Starting with the temperature measurements in Table 5.2, the FE analysis is carried 
out in a trial-and-error fashion to find the corresponding power dissipation. Next, the correlation 
between the power dissipation and wear rate in Eq. 14 is used to predict the wear rate. The 
results of this analysis are presented in Figure 5.9. As seen, the predicted values of wear rate 
using the measured temperatures are in good accord with experimentally observed wear rates. 
The mean percentage error, resulting from this analysis is 14%. It must be noted that to obtain 
the results in Figure 5.9, the power dissipation-wear rate correlation is basically used to predict 
the wear rate in the same tribo-system from which it was originally obtained. Nevertheless, the 
analysis serves to demonstrate the utility of temperature measurement in analysis and prediction 
of wear. The good agreement observed between experiments and predictions in Figure 5.9 
supports the validity the proposed methodology.  
 
Figure 5.9. Comparison of the wear rate values predicted by the inverse thermal analysis with 
those measured experimentally. 
The definitions of the average parameters, as proposed in the present study, greatly facilitates 
the estimation of power dissipation and wear rate in reciprocating sliding contacts in laboratory 
environment. Nevertheless, it is advisable to consider the following guidelines for successful 
application of this technique in practice. Firstly, temperature measurement is of critical 
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significance according to this approach, and as such, must be performed with accuracy. Also, 
thermal analysis of the contact must be carried out considering the geometry and boundary 
conditions that are valid for the sliding system of interest. Secondly, it must be noted that for a 
given pair of materials in contact, the correlation between power dissipation and wear rate 
remains independent of the loading condition only in so far as the material properties and the 
sliding regime are not affected due to different loading conditions. For instance, if the given 
tribo-system undergoes large temperature changes, the thermo-physical and mechanical 
properties of the materials are expected to change as well [37]. Transitions in sliding regime may 
also occur under certain loading conditions [65]. Such changes may influence the correlation 
between power dissipation and wear. These issues have to be judiciously considered in extension 
of the laboratory test results to tribo-systems in practice.  
5.5. Conclusions 
Measurement of the contact temperature is proposed in conjunction with the energy approach 
for prediction and analysis of wear in reciprocating sliding systems. As a manifestation of the 
frictional power dissipation, the contact temperature rise can be measured to obtain a reliable 
estimate of frictional power dissipation. Estimation of the frictional power dissipation in this 
fashion, obviates the need for installation of force sensors in the test setup. Having known the 
correlation between the power dissipation and wear rate from laboratory experiments, the 
thermal analysis of reciprocating contacts also provides the facility to predict wear in practical 
applications based on only one measurement; that is the average contact temperature rise. 
Experimental tests covering a relatively wide range of loading conditions are performed to 
investigate the relationship between the wear rate, power dissipation and the contact temperature 
rise. Due to the oscillatory nature of these parameters in reciprocating sliding, the definition of 
average parameters is deemed necessary for application of the energy approach. To that end, a 
new technique is proposed for estimation of the average contact temperature in oscillatory 
contacts. The resulting estimates of the average contact temperatures agree with the experimental 
measurements, and hence confirm the predictive capability of the proposed technique. 
According to the experimental measurements, a strong linear relationship is observed between 
the average wear rate and the average power dissipation. This correlation yields an important 
property of the contact pair, i.e. the so-called power dissipation-wear factor, which is believed to 
be a characteristic property of the given contacting pair and the sliding configuration. There 
exists a linear correlation also between the contact’s average temperature rise and the average 
wear rate. The contact temperature rise itself can be used to predict wear, provided that the 
correlation between power dissipation and wear rate is known a priori. Thermal analysis can then 
be carried out to find the value of the corresponding power dissipation. For any given tribo-
system, the thermal analysis should incorporate the heat partitioning analysis as well as the 
actual boundary conditions and geometry to obtain a reliable estimation of the system’s thermal 
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response. Wear rate can ultimately be calculated by means of the power dissipation-wear rate 
factor. 
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5.7. Nomenclature 
p total compliance of the test setup (µmN-1) KD    average cyclic frictional energy dissipation (J) §(½) displacement rate for the upper carriage (m/s) ° frequency of oscillation (Hz)  hardness of the material (MPa) ℎv forced convection heat coefficient (W.m-2.K-1) ℎ' natural convection heat coefficient (W.m-2.K-1) { Archard’s wear coefficient {Â modified Archard’s wear coefficient ¹ thermal conductivity (W.m-1.K-1)  relative reciprocating sliding amplitude (m)  normal contact force (N) Q number of oscillatory sliding cycles  contact pressure (MPa) ] average power dissipation during the steady state (W) 3 friction force (N)  frictional heat flux (W/m2)  scaled frictional heat flux (W/m2)  maximum value of the frictional heat flux (W/m2)  maximum value of the scaled frictional heat flux (W/m2) ¯ radius of the pin (m) ² time (s) ²v the time at the end of each test (s) ² the time until beginning of the steady state (s) 9 temperature (◦C) 9 ambient temperature (◦C) ¥ relative oscillatory sliding speed (m/s) ¡ wear volume in Archard’s equation (m3) ' wear volume after n number of oscillatory cycles (m3) § ] average wear rate during the steady state (m3/s)  sliding distance (m) 
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' sliding distance after n number of oscillatory cycles (m) À power dissipation-wear factor 	(mm·J) ¤_ displacement measured by the optical encoder (m) ¤± relative sliding displacement between the contact pair (m) 4 friction coefficient 4̅ average steady-state friction coefficient 
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Chapter 6: Prediction of Wear in Grease-Lubricated Oscillatory 
Journal Bearings via Energy-Based Approach 
 
 
 
6.1. Introduction 
Many engineering mechanisms and machinery components rely on journal bearings for their 
operation. Most journal bearings can operate for long periods of time under ideal operating 
conditions. Such conditions, however, only prevail under full hydrodynamic lubrication (HL) 
regime wherein a continuous lubricant film, with sufficient thickness, separates the journal and 
the bearing surfaces. Nevertheless, there exist many applications—such as piston-pin contact in 
internal combustion engines, articulating pin-joint assemblies in robotic arms, earth-moving 
machinery—in which the bearing operates under boundary or mixed lubrication due to the 
oscillatory nature of the contact which disrupts formation of a sufficient lubrication film. In the 
absence of a lubricant film to fully separate the contacting surfaces, direct solid-to-solid contact 
inevitably ensues rendering the journal bearing highly prone to wear.  
Occurrence of wear in journal bearings can largely, and often adversely, influence their 
performance. Wear defects can reduce the stability, dynamic performance and load-carrying 
capacity of journal bearings through misalignment and changes in the clearance and friction 
coefficient [1-5]. The progressive nature of wear, particularly under mixed or boundary 
lubrication regime, ultimately leads to failure of the bearing due to excessive loss of material. 
Therefore, to avoid such costly consequences, it is highly desirable to predict the loss of material 
in journal bearings that operate under oscillatory motion.  
There exist volumes of archival publications dedicated to quantification of wear under 
boundary or mixed lubrication condition [6-23]. Examination of these studies indicates a 
preponderance of wear prediction methodologies that involve numerous physical and 
geometrical parameters with restrictions on specific sets of operating conditions. These advances 
notwithstanding, the industry is in want of a robust predictive methodology that can be readily 
employed in a wide range of applications. In fact, the sheer number of physical parameters that 
are often required for successful application of the theoretical models, can limit their utility in 
practical applications. The situation becomes far more complex for oscillatory configuration 
where the contact parameters and the attendant underlying processes are subject to continuous 
variations. More reliable methodologies are, therefore, necessary to facilitate quantification of 
wear even under such complex sliding conditions. 
The pursuit of developing alternative approaches for prediction of wear, has led many 
researchers to identify the frictional energy dissipation as a unique characteristic parameter in the 
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analysis of contacting components. Matveeskey [24], in 1965, was perhaps among the first to 
recognize a correlation between the frictional energy dissipation and wear. Numerous research 
studies [25-45] that followed have unanimously verified the existence of a linear correlation 
between the amount of frictional energy dissipated in the contact interface and the resulting wear 
volume. The particular advantage associated with the application of energy approach lies in the 
fact that it brings in the effect of different sliding parameters, such as speed, friction, and normal 
force, into a single parameter. 
With regard to the case of oscillatory journal bearings, there appears to be a particular need for 
application of the energy approach. Experimental measurements made in previous studies [46-
48], indeed, reveal continuous transitions of the lubrication regime between the boundary and the 
mixed type due to changes in both the magnitude and the direction of the sliding speed. Periodic 
variations of the friction coefficient are also observed as a further consequence of the transitions 
of lubrication regime. The Energy approach can, therefore, be employed to integrate the effects 
of such variations into a single parameter, i.e. the frictional energy dissipation. 
While the energy approach has been recognized by many as a powerful tool for analysis of 
wear [49], the dissipated energy, in and of itself, does not significantly facilitate the prediction of 
wear in practice. In fact, direct estimation of the dissipated energy requires the knowledge or 
measurement of the sliding speed and the friction force and, as such, is encumbered with the 
same difficulties associated with measurement of these parameters. This may become a limiting 
issue inasmuch as many machinery components cannot be readily instrumented. The need for 
post-processing of the measured data to calculate the energy dissipation is also a further 
hindrance to the application energy approach. As a result, measurement of the dissipated energy 
is best carried out by means of alternative techniques such as thermal energy dissipation or 
measurement of the temperature rise. The dissipation of the frictional energy, in the absence of 
hydrodynamic effects, can be assumed to occur mostly within the contacting bodies. In many 
sliding configurations, this energy is primarily converted into heat which, in turn, results in 
contact temperature rise [50-53]. Recent experimental results obtained under unidirectional and 
reciprocating dry sliding [25, 26] confirm the linear correlation between the frictional power 
dissipation and the amount of temperature rise at the vicinity of contact. Theoretical models 
developed by Tian and Kennedy [54] also suggest a similar correlation between the frictional 
heat dissipation and the nominal contact temperature rise.  
According to the recent findings mentioned above, an alternative wear prediction methodology 
is proposed that entails measurement of the contact temperature rise in order to estimate the 
frictional energy dissipation, and to predict wear. This technique is expected to greatly facilitate 
the prediction of wear in a variety of practical situations where the application of classical 
approaches becomes very difficult. For the case of linear reciprocating dry sliding, the authors 
have demonstrated the validity of this technique in a previous study [26]. The present study seeks 
to extend and explore the utility of this technique to the case of oscillatory journal bearings 
operating under mixed or boundary lubricated regime. To this end, a series of laboratory wear 
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tests are performed on a grease-lubricated and heavily loaded journal bearing. The experiments 
are designed to cover a relatively wide range of loading conditions. Results are presented and 
discussed in detail in order to ascertain the relationship between the system’s frictional power 
dissipation, temperature rise and wear rate. Finite element (FE) analysis is also performed, as 
part of the proposed methodology, to identify the system’s thermal behavior. Based on the results 
obtained in this study, a simple, yet practical, wear prediction methodology is proposed. 
 
6.2. Experiments 
6.2.1. Test apparatus and measurements 
The Lewis LRI-8H tribometer is utilized to conduct the wear tests. Figure 6.1 shows a 
schematic view of the test apparatus. The journal shaft (6) is tapered at one end where it is 
affixed to a supporting base and the drive mechanism. The drive mechanism consists of an 
electro-motor with a maximum speed of 2700 RPM. The oscillatory motion is produced by 
means of a crank-rocker mechanism which connects the motor to the shaft. The oscillation 
amplitude can, therefore, be adjusted by changing the length of crank and rocker arms. The 
assembly of the shaft and bearing inside the housing is illustrated in Figure 6.2. According to the 
experimental setup the normal load is applied to the housing. As shown in Figure 6.1, the desired 
normal load can be applied using dead weights stacked on the right hanger (9) and through a 
lever that transfers the load to the housing with a scale of 1:10. Another hanger (on the left side) 
is used to balance the weight of the system. A friction force sensor (1), attached to the housing, 
measures the resulting friction torque, and thereby the friction coefficient between the journal 
and bearing. 
Measurement of temperature rise is carried out on the outer surface of the bushing via four T-
type thermocouples (11,12,13,14) located across the mid-section of the bushing at different 
angular positions, each 45º apart; see Figures 6.1 and 6.2. The housing is drilled for this purpose 
to provide access to the outer surface of the bearing. The thermocouples have a resolution of 
0.1ºC and a time constant of 0.01s. All of the test parameters, including the friction coefficient 
and the temperatures, are recorded on a computer for processing. The data are collected at every 
20 s to obtain the global history of the test. However, to observe the local history of the friction 
coefficient during each oscillation, the friction force data are also collected at a smaller time 
interval, i.e. every 0.0185 s. 
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Figure 6.1. The schematic view of the journal bearing test setup showing (1) the friction force 
sensor (2) the friction force connection rod (3) the housing (4) the housing block (5) the bearing 
(6) the shaft (7) guiding poles (8) the lever (9) the weight hanger (10) the balancing weight 
hanger (11-14) the thermocouple holes, (not to scale). 
 
Figure 6.2. Schematic illustration of the journal bearing assembly, showing the shaft, the bearing 
and the half-section view of the housing which includes the thermocouple (TC) holes drilled 
through to reach the outer surface of the bearing. 
6.2.2. Test specimens 
The shaft specimens are made of hardened steel 1020 and the bearings are made of brass. The 
shaft is 24.54 mm in diameter. The bearing has an inside diameter of 24.68 mm and an outside 
diameter of 31.56 mm, and has a length of 25.40 mm. The housing is made of SAE 30303 steel 
with outside diameter of 90 mm. The physical properties of the specimens are summarized in 
108 
 
Table 6.1. In this study, Ultra 5Moly NLGI 2 grease with calcium sulfonate thickener is used to 
lubricate the contact interface. This type of grease has a dropping point of 288°C and a base oil 
viscosity of 150 cSt at 40⁰C. Application of grease lubricant is preferred in this study in view of 
its superior lubrication performance under oscillatory motion. Compared to oil lubricants, grease 
offers significant advantages in terms of leakage, load capacity and protection against wear [46]. 
Table 6.1. The physical properties of the test specimens and the housing 
Component material Measured hardness 
(MPa) 
Thermo-physical  properties [55] 
Density       
(Kg m-3 ) 
Thermal 
conductivity 
(Wm-1k-1) 
Specific heat   
(JKg-1K-1) 
SAE 1020 (shaft) 6198±20 7845 51 485 
Brass C36000 (bearing) 1040±20 8500 115 380 
SAE 30303 (housing)  7930 15 502 
6.2.3. Experimental procedure 
To carry out the experiments, different combinations of loading parameters are considered. A 
total of 27 loading conditions are chosen which involve three levels of normal force (3114, 4448 
and 5783 N), oscillation amplitudes (15.0, 30.0 and 45.2 deg) and frequencies (0.5, 1.0 and 2.0 
Hz). For each test, new specimens are used which are previously cleaned with acetone. First, a 
running-in test is performed for 1 hour under the actual chosen loading conditions. Next, the 
specimens are removed, thoroughly degreased, cleaned with acetone and dried for measuring 
their weight before the actual wear test. The wear test is then started, and continued for 150 
minutes. Once the test is finished, the specimens are removed and again thoroughly degreased, 
cleaned, and weighed. The difference between each specimen’s weight before and after the wear 
test amounts to the material loss due to wear. A laboratory digital scale, with the resolution of 0.1 
mg and a full scale of 310 gr is used for weight measurements. It is noted that all of the 
measuring devices used in this study are calibrated to ensure the reliability of the measurements. 
The tests are performed under a controlled laboratory environment of 25±0.5 ºC and a relative 
humidity of 10-20%. 
It is worth noting that the selection of loading conditions in this study is made such that the 
journal bearings would operate under boundary or mixed lubrication regime. A widely accepted 
criterion, in order to ascertain the lubrication regime, is to examine the journal bearing’s 
characteristic curve of the friction coefficient vs. the sliding speed, i.e. the so-called Stribeck 
curve. Accordingly, a series of preliminary experiments were conducted in order to obtain the 
journal bearings characteristic friction curve. The same test apparatus is used to carry out the 
tests. However, the crank-rocker mechanism is replaced with a belt-driven mechanism in order to 
produce unidirectional rotation as required by the Stribeck experiments. To begin the tests, a pair 
of fresh specimens are lubricated and installed on the test apparatus. The sliding speed is then 
increased to the specified value without application of any normal load. Next, the normal load is 
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applied and the history of the friction coefficient is monitored and recorded. Once the mean 
value of friction coefficient becomes steady, it is recorded as the friction coefficient 
corresponding to the applied speed and normal load. According to the observations, the time 
period required for each test is about 5 minutes. For each normal load value, the tests are 
repeated with different speeds in order to obtain the characteristic curve. The following section 
presents, and briefly explains, the results of laboratory tests performed in this study. Detailed 
discussion of these results in conjunction with the proposed wear prediction methodology is 
presented later in Section 6.4.  
6.3. Experimental results 
6.3.1. Friction characteristic curves 
We begin by presenting the friction characteristic curves obtained by means of the Stribeck 
experiments. The results are shown in Figure 6.3 in terms of friction coefficient versus the 
rotational speed and as well as the so-called grease-Sommerfeld number defined as [56]:  = ÄÅÆ³ n          (1) 
where ÇÈÉ is the dynamic viscosity of the base oil,  is the velocity of the shaft, 1 is the radius 
of the shaft, p is the clearance and  is the projected load ¡ =  (21Ê⁄ ) with  and Ê denoting 
the normal load and the bearing length, respectively.  
  
a       b 
Figure 6.3. Evolution of the friction coefficient vs. (a) the rotational speed (b) the grease-
Sommerfeld number in unidirectional rotation for three different normal load values 
The characteristic curves clearly indicate two distinct regions pertaining to different lubrication 
regimes. At low speeds, it is seen that the friction coefficient drops rather rapidly as the sliding 
speed increases. This behavior is a characteristic feature of the boundary and mixed lubrication 
regime wherein the normal load is shared between a very thin layer of lubricant and asperities 
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[57]. As the rotational speed increases, a minimum value for friction is reached, i.e. the lift-off 
speed, where a fully hydrodynamic lubrication film start to develop. The evolution of friction 
coefficient is quite different in this region inasmuch as the friction coefficient is largely 
determined by the viscosity effects in the lubricant film. Consequently, depending on the 
lubricant type, in this region the friction coefficient either does not change appreciably or 
increases slowly with respect to the speed [57]. This trend is observed for all of the three normal 
load values used in this study. The results shown in Figure 6.3 will be used later to determine the 
dominant lubrication regime during the oscillatory tests.   
6.3.2. Test results 
Table 6.2 summarizes the results of the oscillatory wear tests. These results include the friction 
coefficient (4), power dissipation, wear rate, and temperature rise at four measurement locations 
along the circumference of the brass bearing. It is noted that all of the values shown in Table 6.2 
represent the average values recorded during the steady state. In this study, attainment of the 
steady state is assumed once the mean value of the fluctuations tend to stabilize around a certain 
value for the rest of the test period. For the case of friction coefficient, this condition is normally 
attained within the first 60-70 minutes. Typical evolutions of the friction coefficient are shown in 
Figure 6.4a for two of the test conditions listed in Table 6.2. As seen, the mean value of the 
friction coefficient quickly stabilizes around a certain value which is reported in Table 6.2. 
However, it must be noted that, during each oscillation, the friction coefficient varies in a cyclic 
fashion as shown in Figure 6.4b.  
  
a       b 
Figure 6.4. Typical evolution of the friction coefficient for tests #6 and #15, (a) global history (b) 
cyclic evolutions of the friction coefficient and the hysteresis loops 
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Table 6.2. The experimental test results 
Test 
No. 
Normal 
force 
(N) 
Amplitude 
(degree)  
Frequency 
(Hz) 
µ Power 
dissipation 
(W) 
Wear rate 
(mm3/s) 
Temperature rise (°C) 
∆T1 ∆T2 ∆T3 ∆T4 
1 3114 45.2 0.5 0.102 6.173 2.155×10-4 8.2 6.3 5.2 4.9 
2 4448 45.2 0.5 0.106 9.114 3.241×10-4 12.8 11.2 9.6 8.8 
3 5783 45.2 0.5 0.116 13.014 4.769×10-4 16.8 14.0 11.4 10.5 
4 3114 45.2 1.0 0.089 10.774 3.215×10-4 15.0 13.3 11.0 10.4 
5 4448 45.2 1.0 0.095 16.364 5.054×10-4 19.5 17.9 14.9 12.6 
6 5783 45.2 1.0 0.104 23.315 7.277×10-4 32.0 29.8 24.6 21.7 
7 3114 45.2 2.0 0.087 20.932 4.872×10-4 26.3 22.1 19.4 17.1 
8 4448 45.2 2.0 0.085 29.314 7.085×10-4 37.0 30.7 25.2 23.1 
9 5783 45.2 2.0 0.095 42.288 1.098×10-3 57.5 50.3 42.2 38.5 
10 3114 15.0 0.5 0.115 2.299 8.838×10-5 3.0 2.9 2.3 2.1 
11 4448 15.0 0.5 0.110 3.152 1.107×10-4 3.8 3.2 2.9 2.7 
12 5783 15.0 0.5 0.119 4.400 1.784×10-4 5.5 5.1 3.8 3.7 
13 3114 15.0 1.0 0.096 3.828 1.429×10-4 5.6 4.4 4.1 3.6 
14 4448 15.0 1.0 0.105 5.977 2.276×10-4 8.8 7.5 6.2 5.7 
15 5783 15.0 1.0 0.111 8.220 2.975×10-4 12.2 10.9 8.9 7.8 
16 3114 15.0 2.0 0.085 6.818 2.282×10-4 8.9 7.5 6.0 5.7 
17 4448 15.0 2.0 0.096 10.966 3.275×10-4 14.2 12.5 9.5 9.0 
18 5783 15.0 2.0 0.108 16.016 4.547×10-4 22.5 20.9 17.2 14.6 
19 3114 30.0 0.5 0.103 4.125 1.482×10-4 5.1 4.6 3.6 3.4 
20 4448 30.0 0.5 0.105 5.994 2.331×10-4 8.2 7.0 5.8 5.5 
21 5783 30.0 0.5 0.117 8.705 3.220×10-4 10.6 9.1 7.8 7.3 
22 3114 30.0 1.0 0.088 6.998 1.994×10-4 9.7 8.1 6.9 6.1 
23 4448 30.0 1.0 0.104 11.841 3.964×10-4 17.3 13.1 11.3 10.4 
24 5783 30.0 1.0 0.101 15.023 4.459×10-4 22.8 18.5 16.2 14.1 
25 3114 30.0 2.0 0.092 14.766 3.804×10-4 20.1 17.5 14.8 13.8 
26 4448 30.0 2.0 0.090 20.534 5.120×10-4 30.8 24.7 18.2 16.9 
27 5783 30.0 2.0 0.105 31.086 8.397×10-4 43.8 38.0 31.8 28.7 
Frictional power dissipation 
Cyclic variations of the friction coefficient result in generation of a hysteresis loop as shown in 
Figure 6.4. In view of the cyclic variation of the friction coefficient, it is evident that the 
frictional power dissipation will undergo cyclic variations as well. Hence, in order to facilitate 
the analysis, it would be useful to define an average value for the power dissipation as well: D = °41  |Ì(²)|/v ²         (2)  
where D is the average frictional power dissipation, ° is the frequency of oscillation,  is the 
normal load, 4 is the average friction coefficient, 1 is the radius of shaft and Ì(²) represents the 
oscillatory speed. Due to the oscillatory nature of the sliding motion, the speed function, Ì(²), 
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becomes a periodic function with respect to time. Referring to Figure 6.5 which shows the crank-
rocker mechanism used in this study, one can calculate Ì(²) using the following equation: Ì(²) = =
 ÍÎÏ(Ð
ÐÑ)=Ò ÍÎÏ(ÐÒÐÑ)Ì         (3) 
where  to  refer to the lengths of linkages as shown in Figure 6.5 and the Ó, Ó·, Ó can be 
obtained as follows: Ó = Ì²           (4) Ó· = cos( =Ñ

=Ò
=Ñ ) ± cos( =h

=

=h )				       (5) Ó = , − cos( =Ò

=Ñ
=Ò ) ± cos( =h

=

=h )      (6) 
where s is equal to 	Ô +  − 22 cos Ó , and the plus or minus signs pertain to conditions 
when , ≤ Ó ≤ 2, or 	0 ≤ Ó ≤ ,, respectively.  
 
Figure 6.5. The crank-rocker mechanism used for generation of the oscillatory motion. 
For the setup used in the present study, the lengths of linkages  and · are constant and equal 
to 644 mm and 640 mm, respectively. The lengths of the two other linkages,  and , can be 
changed according to Table 6.3 in order to change the oscillatory amplitude. 
Table 6.3. List of the linkage lengths for changing the oscillatory amplitude 
 
 
 
Having obtained the oscillatory speed, the mean power dissipation is then calculated for each 
loading case according to Eq. 1, and is reported in Table 6.2. 
Wear rate 
The wear rate values reported in Table 6.2 are obtained by dividing the worn volume by the 
total test time. It is noted that these values do not include the running-in wear. Examination of 
the global friction history, such as those shown in Figure 6.5, indicates that the friction 
Ó]\ (deg)  (mm)  (mm) 
15.0 28.58 110.44 
30.0 55.22 110.44 
45.2 55.22 77.80 
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coefficient becomes steady fairly quickly during the test, and as a result the wear rate is also 
expected to stabilize simultaneously. Therefore, division of the total worn volume by the test 
time is anticipated to yield a reasonable approximation of the steady-state wear rate. The values 
obtained in this fashion are considered to be the mean values throughout the steady state. It must 
be noted that the values reported in Table 6.2 pertain to the wear rate of the brass specimen. In 
fact, the measurements reveal that wear almost exclusively occurs in the brass bearing, as the 
wear of shaft is almost nil. This finding is clearly justified in view of the fact that the steel shaft 
is much harder than the brass bearing; see Table 6.1.  
Temperature rise 
The temperature values reported in Table 6.2 also reflect the mean values observed throughout 
the steady state. The mean value of the temperatures become steady, almost in all cases, after 
100-110 minutes. It is noted that the temperature sensing equipment used in this study is not 
intended to track the oscillatory variations of the contact temperature. Certainly, the equipment 
necessary for this purpose are quite sophisticated, and as such would detract from the practical 
utility of the any wear prediction methodology. In contrast, the thermocouples used in this study 
can record a mean value, i.e. the nominal bulk temperature, associated with these oscillatory 
temperatures. As shown later, this method is not only more practical but rather useful in 
predicting wear in the field applications. The typical evolution of the temperatures as recorded 
by four thermocouples is presented in Figure 6.6 for the test #9 where the highest steady-state 
temperatures are recorded.  
 
Figure 6.6. Evolution of the nominal bulk temperatures for the wear test with the highest 
recorded temperature rise 
6.4. Discussions 
An important finding according to the preliminary friction tests is regarding the type of 
lubrication regime in the journal bearing. Referring to Table 6.2, the minimum and maximum 
values of the friction coefficient obtained in experiments are 0.085 and 0.119, respectively. 
Considering the friction characteristic curves presented in Figure 6.3, these values clearly reveal 
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the presence of a boundary or mixed lubrication regime. Interestingly, with respect to the ranges 
of oscillation speeds used during the tests, one may predict, based on the friction characteristic 
curves in Figure 6.3, lower friction coefficients. However, it is believed that the variations of the 
sliding speed and also the effect of reverse motion during the oscillation, tend to prevent 
formation of an effective lubrication film, and in effect, subject the journal bearing to higher 
friction coefficients. Moreover, the occurrence of wear in all of the test cases is undoubtedly 
another indicator of the boundary or mixed lubrication regime.  
With the type of lubrication regime defined, next, the experimental results are examined in 
detail so as to determine the correlations between the tribo-systems wear rate, power dissipation 
and temperature rise. An alternative wear prediction methodology will then be presented based 
on the new findings. 
6.4.1. Wear rate and power dissipation 
To investigate the relationship between the tribo-system’s wear rate and its frictional power 
dissipation, the tests results are plotted in Figure 6.7 for all of the loading conditions listed in 
Table 6.2. The figure shows a very good linear correlation which persists throughout all of 
loading conditions. More importantly, the slope of this linear relation yields a fundamental 
property of the sliding pair, i.e. the wear-energy dissipation (WED) coefficient.  
 
Figure 6.7. The linear correlation between the average wear rate and average power dissipation 
in lubricated oscillatory sliding of a steel shaft inside a brass bearing. 
The WED coefficient can be used to express the average wear rate in the following form: § ] = MÕD           (7) 
where § ] is the average wear rate and MÕ represents the WED coefficient, MÕ = 2.42×10-5 for 
the studied journal bearing. It is noted that the small intercept seen in Figure 6.7 is believed to be 
due to experimental measurement error and therefore is neglected in writing the expression in 
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Eq. 7. Expressions of the type shown in Figure 6.7 afford great facility for prediction of wear by 
reducing the number of required parameters. In light of the experimental results obtained here, as 
well as in many recent studies [25-36, 38-40, 42-45], the WED coefficient is deemed to be a 
unique property of a given sliding pair which remains largely independent from the loading 
parameters such as normal force, speed and friction coefficient. On the other hand, the results 
obtained in recent experimental studies [25, 26], using similar material types and loading range, 
also indicate that the WED coefficient may be influenced by changing the sliding mode.  
 
6.4.2. Wear rate and temperature rise 
In order to examine the correlation between the wear rate and the temperature rise, the 
measured wear rates are plotted in Figure 6.8 versus the temperature rise recorded by four 
thermocouples. Interestingly, the wear rate values are seen to be linearly related to the 
temperature rise, not only throughout all of the tests but also at all of the four measurement 
locations. The intriguing feature pertaining to this finding is that although the temperature rise is 
not measured directly at the contact interface, the said linear correlation still holds even at distant 
locations in the sliding system. This finding, in itself, is of significant importance inasmuch as it 
obviates the need to capture the actual contact temperatures which are often elusive and 
imponderable by their very nature. 
 
 
a      b 
Figure 6.8. The linear correlations between the average wear rate and the temperature rise at 
different measurement locations (a,b,c,d) in lubricated oscillatory sliding of a steel shaft inside a 
brass bearing 
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c      d 
(Figure continued) 
According to these results, one can write linear relations, similar to Eq. 6 that can express the 
wear rate based on the measured temperature rise. However, as seen in Figure 6.8, the linear 
coefficients vary with respect to the temperature measurement location.  Given the existing linear 
correlations between the temperature rise and the wear rate, it might appear that these 
correlations can be utilized for prediction of wear in a fashion similar to the WED coefficient. 
However, it must be noted that the nature of these correlation is quite different compared to the 
correlation between wear rate and power dissipation. While the latter is an intrinsic property of a 
given sliding pair and, as such, is not influenced by the geometry and the boundary effects, the 
former is largely dependent on those factors. For instance, in a given sliding pair experiencing a 
certain thermal power dissipation and wear rate, the resulting temperatures are expected to 
change if the ambient temperature or the rate of convection is changed on the boundary. 
Similarly, if the dimensions of the sliding system were to be altered, while maintaining the same 
power dissipation and wear rate, the resulting temperatures will certainly change as well. As a 
consequence, the correlation between wear rate and temperature rise cannot be directly extended 
to field applications. Nevertheless, the presence of this linear correlation, leads to an important 
deduction, which will be deployed to devise a systematic and realistic wear prediction 
methodology. To achieve this, the correlation between wear rate and temperature rise is assumed 
to be comprised of two independent correlations. The first one is the correlation between the 
wear rate and power dissipation which is described in Section 6.4.1. The second correlation is the 
one between power dissipation and temperature rise which is the subject of the following section.  
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6.4.3. Power dissipation and temperature rise 
The correlation between frictional power dissipation and temperature rise is shown in Figure 
6.9 for all of the loading conditions and at four measurement points. The figure clearly 
demonstrates that the power dissipation and temperature rise are linearly related. The presence of 
such a linear correlation is also verified by theoretical models proposed by Tian and Kennedy 
[54], and by recent experimental observations [25, 58, 59]. Similar to the WED coefficient, a 
power dissipation-temperature rise (PTR) coefficient can be defined to express the linear 
correlation in the following form: D = M∆9           (8) 
where M  represents the PTR coefficient and ∆9 is the temperature rise. The PTR coefficient is 
certainly a function of the materials’ thermo-physical properties. However, as expected and as 
seen in Figure 6.9, the PTR coefficient is evidently a function of the measurement location as 
well. In addition, the PTR coefficient is also expected to be dependent on the boundary 
conditions as well as the geometric effects as noted earlier. However, it must be noted that, for 
the case of present study, the variations of boundary condition, due to changes in the sliding 
speed and thus the convective heat transfer, are insignificant, and for the tests conducted in this 
study, do not affect the resulting linear correlation from one loading condition to another.  
In light of these findings, it can be concluded that the PTR coefficient, unlike the WED 
coefficient, is not entirely an intrinsic property of the tribo-pair. Rather, this factor must be 
determined for the specific tribo-pair with the consideration of appropriate boundary conditions. 
This task can be successfully accomplished by means of a thermal analysis of the system. In this 
respect, numerical analysis tools such as finite element method become highly valuable in 
obtaining the PTR coefficient for a given tribo-system in practice. As seen later, this task 
constitutes a key step in implementation of a viable wear prediction methodology.  
     
    a     b 
Figure 6.9. The linear correlations between the average frictional power dissipation and the 
temperature rise at different measurement locations (a,b,c,d) for the lubricated oscillatory sliding 
of a steel shaft inside a brass bearing. 
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    c       d     
(Figure continued) 
 
Another salient feature pertaining to the results in Figure 6.9 is the fact that these linear 
correlations are obtained in spite of the presence of oscillatory temperatures in the sliding 
system. This observation is very important, for it attests to the applicability of the temperature 
measurement method used in this study. In the following section, the thermal behavior of the 
current sliding system is investigated in detail.  
6.4.4. Thermal analysis of the oscillatory journal bearing 
Prediction of temperatures in tribological applications has been the focus of numerous research 
studies over many years. Blok [60], Jaeger [61] and Holm [62] conducted pioneering studies that 
have led to many subsequent theoretical developments for predicting the surface temperatures in 
contacting bodies. However, such formulations are amenable only for a limited range of 
applications as they rely on simplified geometries or assumptions such as adiabatic or semi-
infinite bodies, unidirectional motion etc. Numerical techniques are, therefore, preferred for 
thermal analysis of more complex problems.  
The contact temperatures in the present study have an oscillatory nature due to the periodic 
variations of the heat source with respect to time and space. This, however, imposes a major 
obstacle in identifying a useful correlation between the tribo-system’s wear rate, power 
dissipation and temperature rise. Therefore, a special technique proposed by Tian and Kennedy 
[54] is employed in order to obtain an average value associated with these temperatures. It must 
be noted that, this approach is also in line with the experimental method used for measuring the 
temperatures; see Section 6.2.1. According to Tian and Kennedy [54], the temperature rise in 
oscillatory contacts consists of the nominal temperature rise and a cyclic local temperature. It is 
shown that the local temperature is the result of small-scale heat flow restriction [63], and as 
such is expected to quickly diminish when moving away from the immediate vicinity of the 
contact. In fact, simulations carried out previously for the same experimental setup indicate the 
validity of this assumption for the temperatures associated with locations of the thermocouples 
[64]. Therefore, the nominal temperature rise can be successfully used to determine the PTR 
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coefficient for the purpose of wear analysis. The procedure for prediction of the nominal 
temperatures is described in the following section. 
Finite element model 
Figure 6.10 shows the FE model of the test setup which includes, the shaft, the bearing and the 
housing. This FE model consists of 77530 hexahedral solid elements and is checked to ensure 
mesh independence. Due to symmetry, only half of the assembly model is used for analysis. 
However, the FE model in Figure 6.10 shows the entire shaft to better illustrate the assembly. 
The contact interface is formed between the shaft and the bearing due to application of a normal 
load. During the tests, the shaft oscillates inside the bearing, and consequently a frictional heat 
source is generated at the interface. For modeling purposes it is assumed that the heat source 
oscillates around the shaft. According to the procedure proposed by Tian and Kennedy [63], the 
nominal temperature rise can be calculated by redistributing the actual heat flux over the entire 
oscillation track such that the resulting total heat flux entering the shaft remains the same. With 
respect to the bearing, however, the heat source remains stationary, and thus the actual flux can 
be directly applied at the contact area. Due to variations of the heat flux with respect to time, 
their average values should be used to obtain the nominal temperatures. The magnitude of the 
heat flux, i.e. the frictional power dissipation, is an important parameter for the thermal analysis 
and is directly related to the contact pressure. Having known the normal force value for each 
loading case as well as the material properties, the contact interface pressure, (Ó, ¢) , can be 
obtained by means of a static structural FE analysis. The average frictional heat flux per unit area 
can then be expressed in terms of the average friction coefficient and the oscillation velocity: (Ó, ¢) = (Ó, ¢)41°  |Ì(½)|/v ½        (9) 
Then the following governing equations and boundary conditions can be written for the current 
FE model: ∇9 = 0           (10) 
¹ NN' =
ºÖÖ
»
ÖÖ¼
~(Ó, ¢)																																									on	Ω$(1 − ~)(Ó, ¢)																													on	Ω_−ℎv(9 − 9)																															on	Ωv−ℎ0(9 − 9)																															on	Ω0−ℎ×(9 − 9)																															on	Ω×0																																																					on	Ω
      (11) 
where ¹ is the thermal conductivity, ~ is the heat partitioning factor, and ℎv,	ℎ0,	ℎ× are the 
convective heat transfer coefficients for the free surface, the tapered section, and the bearing’s 
inside surface, respectively. The thermal properties of the materials are reported in Table 6.1. 
The mechanical material properties and all of the other input parameters for the FE model are 
provided in Table 6.4. It must be noted that the thermal boundary conditions used in the 
simulation can certainly affect the resulting temperatures. The convection coefficients reported in 
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Table 6.4 are estimated to represent realistic values pertaining to the conditions during the tests. 
It is also worth noting that a sensitivity analysis shows that a 20% change in the values of 
convection coefficients changes the temperatures only up to 8%. 
 
Figure 6.10. The FE model of the journal bearing assembly, including the tapered steel shaft, 
brass bearing and the steel housing. The remaining surfaces not designated here are considered 
free surfaces (Ωf ). 
The bearing and the housing are joined together using the same nodes, but have different 
material properties. The shaft, however, is modeled separately since the effective contact area is 
different for the shaft as it is extended according to the procedure described previously. As a 
result, partitioning of the total heat flux between the bearing and the shaft should be performed in 
order to enforce continuity of the maximum temperatures across the contact interface. For this 
purpose an iterative solution algorithm is adopted whereby an initial values (~ = 0.5) is chosen 
for the heat partitioning coefficient, and after each trial solution, its value is adjusted by 
comparing the maximum temperatures on the contact surfaces ΩØ and ΩÙ. Continuity of the 
temperature is attained when the following condition is satisfied: Ú∆oÛ,³Ür∆oÛ,ÝÞßFÚ∆oÛ,³Ür∆oÛ,ÝÞßF ≤ 0.001        (12) 
The analysis shows that depending on the loading condition, 80-82% of the total frictional heat 
generated at the contact interface enters the bearing and the rest flows into the shaft. Partitioning 
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of the heat flux, in this fashion, is originally proposed by Blok [60] and Jaeger [61] and has been 
proven useful for prediction of temperatures in tribological applications [65, 66].  
Table 6.4. The input parameters for the FE model Kshaft		, Khousing 210 GPa Kbearing		 97 GPa shaft	, housing  0.29 bearing 0.31 ℎv 30 W/m2K ℎ0 5 W/m2K ℎ× 15 W/m2K 9 25 ⁰C 
A computer script is generated using ANSYS parametric design language (APDL) in order to 
implement the above-mentioned solution algorithm. Before running the thermal analysis, the 
program solves the static contact problem in order to determine the contact pressure and the 
extent of the contact interface. The boundary conditions for the contact problem include the 
symmetry on the corresponding symmetry surfaces as designated for the thermal analysis, and 
the fully-clamped condition on the tapered section of the shaft (Ωt). CONTA174 and TARG170 
contact elements are used in conjunction with pure Lagrange multiplier method for the 
simulation of contact between the shaft and the bearing. The pure Lagrange multiplier method is 
preferred in this study over the penalty technique as it predicts a more smooth distribution of the 
contact pressure by enforcing zero penetration at the contact points. Finally, normal force is 
applied as a uniformly distributed force on the outer surface of the housing (Ωh). Before starting 
the solution, the contact pair should be properly adjusted by bringing them in initial contact. Due 
to the static nature of the solution, this step is necessary to prevent rigid-body motion under 
application of the normal force. The same FE mesh, shown in Figure 6.10, is used for both the 
contact and the thermal problems. Linear 8-node (SOLID 185) elements with full integration 
formulation are used for the contact problem. For the thermal analysis, the element type is 
switched to linear 8-node thermal conduction (SOLID 278). It must be noted that the effect of 
thermal expansion is not simulated in this study. Given the higher expansion coefficient of the 
brass bearing (20.0 µm/mK) compared to the steel shaft (12.2 µm/mK) [55], the existing 
clearance between the shaft and the bearing is expected to increase upon heating. This change 
can affect the resulting contact pressure and contact area, which, in effect, can slightly change 
the temperature distribution inside the contact area. However, preliminary simulations reveal that 
the temperatures outside of the contact area will not be influenced as long as the total heat 
generation rate—which is largely determined by the total applied load—remains the same. In 
fact, this influence is found to rapidly diminish with respect to the distance from the contact 
zone.  
For each given set of loading conditions listed in Table 6.2, the software solves the contact 
problem first. Once the contact pressure and the contact region are determined, the program 
calculates the heat fluxes on the shaft and the bearing, and then switches to thermal analysis 
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mode to predict the average values of the temperature rise in the assembly. The thermal analysis 
is carried out in steady state since the steady state is the prime focus of this study. The results are 
presented below. 
The FE results 
The distribution of normal contact stress, i.e. contact pressure, is presented in Figure 6.11 for 
the test #9, wherein the maximum steady-state temperature rise was observed. As seen, the 
contact is established only at a small portion of the journal bearing close to the tapered section of 
the shaft. This is clearly due to the fact that the shaft is supported at one side, i.e. the tapered 
section, and thus deforms in a manner identical to a cantilever beam. This effect also results in a 
non-uniform pressure distribution along the axial direction. It is noted that the results are 
expanded with respect to the symmetry plane for better visualization.  
 
Figure 6.11. Distribution of the normal contact stress (MPa) over the surfaces of bearing and 
shaft. Negative numbers indicate compression. 
 
Figure 6.12 shows the average temperature rise distribution in the bearing, corresponding to the 
contact pressure distribution presented in Figure 6.11. As seen, the distributions of the 
temperature rise within the contact and also along the bearing’s axial direction are non-uniform. 
The maximum temperature rise of 9äåæ = 94.27⁰C occurs at the inner surface of the bearing at 
the tip of the contact. The values of the predicted temperature rise corresponding to the location 
of the thermocouples are also shown in Figure 6.12. Table 6.5 lists the FE predictions of the 
steady-state temperature rise at four measurement points for all of the experimental tests. 
Comparison of these values with the measurements reported in Table 6.2 indicates good 
agreement with the experimental measurements.  
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Figure 6.12. Contours of the temperature rise in the bearing, and the values of the temperature 
rise at four measurement points (⁰C) 
In order to better evaluate the goodness of the FE predictions, the relative difference between 
the measurement and FE predictions is also calculated and shown in the Table 6.5 using the 
following formula: êC = |(∆F)ëìí(∆F)îë|(∆F)ëìí            (12) 
where i=1,2,3,4 is the temperature measurement location. The existing differences, although 
small, can in fact be due to a variety of different factors in the modeling and experiments. 
Measurements of the temperature rise by means of contact-based thermocouples can be a 
possible source of error. However, in addition to using a calibrated measurement system to 
minimize this error, it was also attempted to achieve perfect contact between the thermocouples 
and the surface of the bearing by means of a highly conductive thermal paste. With respect to 
modeling, the assumptions made in the FE model can also contribute to the difference between 
the experiments and modeling. For example, the experimental setup consists of other 
components that are attached to the test assembly. These components are expected to contribute 
to the heat conduction, but are not included in the FE model.  Also, the FE model assumes 
perfect contact between the bearing and the housing whereas in the experimental setup there 
exists a very small gap between the two components. The latter issue corresponds well with the 
fact that the majority of the predicted temperatures are less than the measured values. The 
assumption of perfect contact between the bearing and the housing results in better thermal 
conduction and thereby decreases the temperature rise. 
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Table 6.5. Finite element predictions of the temperature rise at different measurement points  
Test No. FE predictions Relative difference 
 ∆T1 ∆T2 ∆T3 ∆T4 e1 e2 e3 e4 
1 7.98 6.76 5.75 5.28 0.03 0.07 0.11 0.08 
2 11.69 9.95 8.46 7.78 0.09 0.11 0.12 0.12 
3 17.02 14.56 12.37 11.37 0.01 0.04 0.09 0.08 
4 13.92 11.79 10.03 9.22 0.07 0.11 0.09 0.11 
5 21.00 17.87 15.19 13.97 0.07 0.00 0.02 0.11 
6 30.49 26.09 22.17 20.38 0.05 0.13 0.10 0.06 
7 27.05 22.91 19.48 17.91 0.03 0.04 0.00 0.05 
8 37.61 32.01 27.21 25.02 0.02 0.04 0.08 0.08 
9 55.29 47.31 40.21 36.96 0.04 0.06 0.05 0.04 
10 2.93 2.48 2.11 1.94 0.02 0.15 0.08 0.07 
11 4.03 3.43 2.91 2.68 0.06 0.08 0.00 0.02 
12 5.73 4.91 4.17 3.83 0.05 0.04 0.09 0.04 
13 4.89 4.14 3.52 3.24 0.13 0.05 0.14 0.11 
14 7.65 6.51 5.53 5.09 0.13 0.13 0.11 0.11 
15 10.73 9.18 7.80 7.17 0.12 0.16 0.13 0.07 
16 8.71 7.38 6.28 5.77 0.02 0.01 0.05 0.02 
17 14.03 11.94 10.15 9.33 0.01 0.04 0.07 0.03 
18 20.90 17.88 15.20 13.97 0.07 0.14 0.12 0.04 
19 5.32 4.50 3.83 3.52 0.05 0.03 0.06 0.04 
20 7.66 6.52 5.54 5.09 0.07 0.06 0.04 0.07 
21 11.34 9.70 8.24 7.58 0.07 0.06 0.06 0.04 
22 9.03 7.65 6.50 5.98 0.07 0.05 0.06 0.02 
23 15.13 12.88 10.95 10.06 0.12 0.01 0.03 0.04 
24 19.56 16.74 14.22 13.08 0.14 0.09 0.12 0.07 
25 19.05 16.13 13.72 12.61 0.05 0.08 0.07 0.09 
26 26.23 22.33 18.98 17.45 0.15 0.10 0.04 0.03 
27 40.48 34.64 29.43 27.06 0.08 0.09 0.08 0.06 
Overall, comparing the predictions of the temperature rise with the measured values, a 
relatively good agreement can be observed in spite of the existing differences. The simulation 
results presented in Table 6.5 can now be used to determine the PTR coefficient pertaining to 
each measurement point. This is shown in Figure 6.13 where the power dissipation is plotted 
versus the predicted temperature rise. As seen, a rather perfect linear fit is obtained for each 
measurement point. The corresponding PTR coefficient are simply the slope of linear fit.  
The PTR coefficient obtained from Figure 6.13 are presented in Table 6.6. The reader should 
note that these values pertain exclusively to the current journal bearing system subjected to the 
specified set of boundary conditions. In fact, as mentioned earlier, the PTR coefficient should be 
determined individually for the system of interest and with careful consideration of the 
prevailing boundary conditions. Based on the results obtained so far, an energy-based wear 
prediction methodology is described next. 
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Figure 6.13. Linear correlations between the power dissipation and the predicted temperature rise 
at four locations in the journal bearing system corresponding to the location of the 
thermocouples. 
Table 6.6. The PTR coefficient obtained for the current journal bearing system under the existing 
boundary conditions 
Location 1 2 3 4 
PTR coefficient 
(W/K) 
0.7677 0.8978 1.0564 1.1492 
6.4.5. Wear prediction  
The first step for prediction of wear entails assessment of the nature of the sliding system. The 
presence and type of the lubricant, the lubrication regime, type of the sliding motion, e.g. 
rotatory, linear, oscillatory etc. and the dominant wear mechanism, are among the most 
important set of data that should be carefully considered for identification of the WED 
coefficient. Pertinent laboratory experiments are necessary in order to obtain this parameter. Care 
should be exercised in maintaining the same type of wear mechanism, lubrication regime as well 
as the other factors mentioned above. Thermal analysis of the system is another key step in 
prediction of wear according to this methodology. The analysis uses the same geometry and 
boundary conditions in the real application to correctly identify the relationship between the 
systems temperature rise at a desired location and the frictional power dissipation. Of course, it is 
of paramount importance that the measurement point, be easily accessible for an equipment 
inspector or an operator with a temperature sensing device. Having known the PTR coefficient 
from the thermal analysis, and the WED coefficient from laboratory experiments, one can readily 
estimate the wear rate. This procedure is schematically shown in Figure 6.14.  
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Figure 6.14. Schematic presentation of the alternative wear prediction methodology 
As an example, let us consider the studied journal bearing assembly being employed in a field 
application. Such applications, in fact, are routinely encountered in heavy earth-moving 
machinery components like excavators and bucket loaders. Continuous loading during the 
operation results in temperature rise in the journal bearing. Let us assume that Table 6.2 
represents the temperature measurements made during different operating conditions. 
Accordingly, one can use these results in conjunction with the corresponding PTR coefficient to 
estimate the frictional power dissipation. Then, for each measurement point the calculated power 
dissipation is used to estimate the wear rate by means of the WED coefficient. The wear rates 
predicted in this fashion are shown along with the measured values in Figure 6.15. The 
predictions are presented for each measurement point in a separate graph. As seen, all of the 
measurement points are equally suitable to be used for wear prediction purpose. 
 
    a     b 
Figure 6.15. Comparison of the wear rates predicted by the proposed methodology with 
experimental measurements for different points (a,b,c,d). 
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    c     d 
(figure continued) 
6.4.6. Case study verification 
In order to further verify the reliability of the proposed wear prediction methodology, a special 
case study is performed wherein the tribo-system’s wear rate is predicted for two new loading 
conditions shown in Table 6.7. These loading conditions are chosen such that none of the loading 
parameters is similar to the previously tested cases. Based on the proposed methodology, the 
wear rate can be predicted via performing FE simulations to obtain the temperature rise of the 
tribo-system subjected to each loading condition. For this purpose, a reasonable assumption is 
needed for the friction coefficient. Here we choose the value of 4 = 0.1 for both of the loading 
conditions. The FE simulations are performed following the procedure described in the Section 
Finite Element Model. Given that the PTR coefficients are known at four specific locations in the 
tribo-system, the magnitudes of temperature rise at these locations are of interest. Once these 
values are obtained for each loading condition, the wear rate is predicted according to Eqs. 7 and 
8 and using the WED and PTR coefficients. The PTR coefficients reported in Table 6.6 can be 
used here since the geometry and boundary conditions remain unchanged. The predicted 
temperature rise and wear rate values are shown in Table 6.8. It is noted that the predictions 
based on each of four locations yield very close values for the wear rate, and, therefore, only a 
single average value is reported in Table 6.8.  
In order to ascertain the goodness of the predictions, the journal bearing system is operated 
under the same chosen loading conditions. The wear rates measured for these tests are also 
reported in Table 6.8 along with the corresponding temperature rise values at four measurement 
points. Also reported in Table 6.8 are the values of friction coefficient as recorded for each test. 
Table 6.7. Loading conditions for two case studies 
Loading 
case # 
Normal force 
(N) 
Amplitude 
(degree) 
Frequency 
(Hz) 
1 2224 21.5 1.2 
2 5115 26.5 3.0 
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Table 6.8. Predicted and measured temperature rise and wear rate values for two case studies 
Loading 
case # 
Predictions Measurements 
Temperature rise (°C) Wear rate 
(mm3/s) 
Temperature rise (°C) Wear rate 
(mm3/s) 
µ 
ΔT1 ΔT2 ΔT3 ΔT4 ΔT1 ΔT2 ΔT3 ΔT4 
1 6.20 5.23 4.45 4.09 1.140×10-4 5.8 5.0 4.4 3.5 1.258×10-4 0.089 
2 44.06 37.57 31.95 29.37 8.171×10-4 45.9 38.9 32.2 31.5 8.906×10-4 0.097 
Once an actual physical test is performed, the measured steady-state temperatures can be used 
directly to estimate the wear rate for the running tribo-system according to the procedure shown 
in Figure 6.14. The estimated wear rates are shown in Table 6.9 for each temperature 
measurement point.  
Table 6.9. Estimated wear rates for two case studies 
Loading 
case # 
Estimated wear rate (mm3/s) 
Temperature measurement location 
1 2 3 4 
1 1.078×10-4 1.091×10-4 1.125×10-4 9.845×10-5 
2 8.520×10-4 8.458×10-4 8.227×10-4 8.760×10-4 
Comparison of the estimated and predicted wear rates with the measured values indicates a 
rather good agreement. Figure 6.16 shows this comparison by plotting the measured wear rates 
versus the predicted and estimated wear rates in the same graph. For each loading case the 
estimated wear rates at four measurement points are averaged and shown as a single value in the 
figure. It is important to note that the predicted wear rates are obtained based on a theoretical 
analysis—which requires the knowledge of the loading conditions as well as a reasonable value 
for the friction coefficient—whereas the estimated values are obtained entirely independent of 
the loading conditions and by means of the measured temperature rise. As seen in Figure 6.16, 
both of these approaches yield realistic values for the wear rate of the studied journal-bearing 
system. 
The results obtained in this study demonstrate the utility of an energy-based wear prediction 
methodology in a lubricated journal bearing under oscillatory motion. In view of the 
experimental evidence obtained, it is anticipated that this approach can be extended to other 
contact configurations and sliding conditions. For design purposes, the WED coefficient can be 
used in conjunction with the thermal analysis of the system to predict wear in a wide range of 
applications and sliding configurations. Thus, the WED coefficient appears to be an important 
property of a given sliding pair and, as such, merits further investigation in order to determine its 
value and its range of applicability for different engineering materials and applications.  
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Figure 6.16. The measured wear rates versus the FE predictions and estimated values for two 
case studies. 
Finally, it is worthwhile to emphasize the following guidelines for fruitful application and 
extension of the laboratory-scale results in real practice. Firstly, it is advisable that the dominant 
wear mechanism be correctly identified for the given application. The laboratory test data to be 
used must pertain to the same type of wear mechanism. Also, attention should be given to the 
type of sliding configuration as it quite possibly can change the wear characteristics of a system. 
Secondly, in circumstances where the loading conditions may change dramatically, there exists a 
possibility of transitions in the wear regime. Hence, the resulting WED coefficient may change 
from one loading condition to another.  These issues need to be carefully considered in order to 
avoid erroneous predictions. Also, as with any other engineering problem, safety factors should 
be considered when designing components that are prone to wear or when estimating the 
remaining wear life of a given tribo-components in practical applications.  
6.5. Conclusions 
Journal bearings operating under oscillatory motion are prone to wear damage due to lack of a 
full-film lubricant layer. This is confirmed for the current setup through examination and 
comparison of the results with the journal bearing’s characteristic friction curves (Stribeck 
curves). 
Laboratory wear tests are performed on a series of journal bearing specimens to determine the 
relation between the wear rate, power dissipation and temperature rise under lubricated 
oscillatory sliding. It is shown that the effect of cyclic variation of the sliding parameters in the 
oscillatory configuration can be successfully included by calculating the average values of the 
parameters. The correlations obtained in this fashion are found to be very useful for prediction of 
wear.  
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The average wear rate for the lubricated oscillatory journal bearing is found to have a linear 
correlation with the average frictional power dissipation through a wide range of loading 
conditions. The results show that this correlation is unique for a given sliding pair and is 
independent of the loading conditions. The correlation between the temperature rise and wear 
rate is influenced by the boundary and geometry effects, and therefore, cannot be readily applied 
to real-scale applications. To surmount this issue, the correlation is divided into two independent 
correlations: The wear rate-power dissipation and the power dissipation-temperature rise. 
The correlation between power dissipation and temperature rise can be determined without the 
need for laboratory experiments via performing a FE simulation. This correlation can be obtained 
for the location of interest in the tribo-system which does not necessarily need to be at the 
contact or its immediate vicinity. This finding is of paramount importance in real engineering 
applications where the contact interface is often inaccessible. For a given tribo-system in 
practice, the thermal analysis of the system should be performed by closely simulating the 
geometry and the prevailing boundary conditions in reality. 
Having known the correlations between power dissipation and wear rate, and between the 
power dissipation and temperature rise, one can estimate wear in practical engineering 
applications. However, in extending the laboratory scale data to a given tribo-system care should 
be exercised to ensure correspondence between the laboratory tests and the real application in 
terms of the dominant wear mechanism, lubrication regime and sliding configuration. 
6.6. Nomenclature 
p clearance between the shaft and bearing (mm) K modulus of elasticity (GPa) ° oscillation frequency (Hz) ℎv thermal convection coefficient on free surfaces (W/m2K) ℎ0 thermal convection coefficient on the tapered section of the shaft (W/m2K) ℎ× thermal convection coefficient inside the bearing (W/m2K) ¹ thermal conductivity (W/mK) Ê length of the bearing (mm) , , ·,  lengths of the linkages of the crank-rocker mechanism (mm)  normal load (N)  speed of the shaft in unidirectional rotation (rev/s) D  average value of the power dissipation during the steady state (W) (Ó, ¢) contact pressure distribution (MPa) (Ó, ¢) total frictional heat flux generated at the contact interface (W/m2) 1 radius of the shaft (mm)  grease-Sommerfeld number ² time (s) 
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9 temperature (°C) 9 ambient temperature (°C) Δ9, Δ9, Δ9·, Δ9 temperature rise pertaining to measurement points 1,2,3 and 4 (°C) § ] average wear rate (mm3/s) ¯, Ó, ¢ cylindrical coordinate Çïð dynamic viscosity of the base oil for the grease (Pa.s) Ó, Ó·, Ó angular positions of the linkages in the crank-rocker mechanism (mm) Ó]\ oscillation amplitude (degree) 
µ mean friction coefficient  Poisson’s ratio ~ heat partitioning factor M  power dissipation-temperature rise coefficient (J/K) MÕ wear-energy dissipation coefficient (mm3/J) Ω× convection surfaces inside the bearing in the finite element model Ωv free convection surfaces in the finite element model Ω symmetry surfaces in the finite element model Ω0 surface of the shaft’s tapered section in the finite element model Ì(²) periodic function of the oscillatory speed of the output arm in the crank 
rocker mechanism (rad/s) Ì rotational speed of the input arm in the crank-rocker mechanism (rad/s) 
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Chapter 7: Summary and Future Works 
 
 
 
7.1. Summary and Conclusions 
The present dissertation proposes a new alternative, yet robust, approach for analysis and 
prediction of damage in contacting components. The methodology proposed is based on the laws 
of energy and thermodynamics. Two important types of contact damage are investigated, namely 
adhesive wear and crack nucleation. Energy dissipation concept is used to analyze and predict 
material loss due to adhesive wear under a variety of contact configurations including 
unlubricated unidirectional and reciprocating sliding as well as grease-lubricated oscillatory 
sliding. For the case of crack nucleation, a thermodynamically-based continuum damage 
mechanics approach is employed in order to predict cracking in line-contact fretting for both 
smooth and rough surfaces. For both types of contact damage, laboratory tests data—either 
obtained at LSU CeRoM or reported in literature—are used so as to evaluate the utility of the 
proposed approach. The most important findings are summarized in the following.  
For a tribo-system that experiences adhesive wear, there exists a strong linear correlation 
between the wear rate and frictional power dissipation. The presence of such a correlation is 
verified through laboratory wear tests at LSU CeRoM conducted on unidirectional and 
reciprocating dry sliding as well as grease-lubricated oscillatory sliding configurations. The 
material pair includes brass and steel. According to this linear correlation, a very important 
property of the tribo-pair, i.e. the wear-energy dissipation (WED) coefficient is identified. The 
results show that this correlation is dependent on the material types and the nature of the sliding 
contact, but is independent of the loading conditions. In the next step, it is shown that the 
temperature rise in the system is also correlated with the frictional power dissipation in the 
sliding system. However, this latter correlation is not only dependent on the material properties, 
but is also a function of the geometry and boundary conditions as well. Fortunately, however, 
this correlation can be obtained using thermal analysis of the system either by means of 
analytical techniques or numerical tools such as finite element. Based on these finding, a 
convenient but reliable wear prediction methodology is proposed that requires only one 
measurement; that is the temperature rise. The results indicate that the measurements can be 
made almost anywhere in the contacting bodies where the temperature rise can be measured. 
This affords great facility for prediction and estimation of wear rate in contacting components 
where the contact interface is not accessible. Once the thermal analysis of the system is 
accomplished, the correlation between the system’s wear rate and power dissipation can then be 
used to obtain the wear rate. The validity of the proposed approach is verified for a case study 
using laboratory experiments. 
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For contacting components that undergo minute oscillatory motion due to vibration or cyclic 
loading, crack nucleation becomes the dominant type of surface damage. A thermodynamically-
based continuum damage mechanics theory is used to predict fretting crack nucleation. 
Compared to the other existing approaches, the thermodynamically-based CDM approach is 
highly amenable to crack nucleation analysis in view of its definition of damage which is 
independent of the flaw size. The methodology uses bulk material properties to predict evolution 
of damage within the material up to a certain critical point. This critical state is identified by the 
critical value of a so-called damage parameter which is a material property. The analysis is 
carried out for the line-contact problem of an Al 7075 cylinder in contact with an Al 2024-T351 
flat surface and also for a pair of titanium alloys (Ti-6Al-4V) in a cylinder-versus-flat 
configuration. The effect of smooth and rough surface contacts are investigated. Evaluation of 
the contact stresses reveals intense stress gradients within the contact area in both smooth and 
rough surfaces. Therefore, a special averaging technique is proposed to consider this effect in a 
systematic and consistent fashion. The technique identifies the averaging zone based on the 
location of the maximum first principal stress and the magnitude of the slip width in partial-slip 
fretting. The predictions of crack nucleation boundary show that the stress gradients have a 
significant effect on crack nucleation in line-contact fretting in both smooth and rough surfaces. 
The roughness is found to have an adverse effect on fretting crack nucleation. The results reveal 
that the crack nucleation boundary, for a specific number of cycles to crack nucleation, decreases 
at higher surface roughness values. Furthermore, it is observed that regardless of the surface 
roughness value, the crack nucleation life increases as the tangential force amplitude decreases. 
The evolution of the crack nucleation life with respect to the tangential force amplitude 
demonstrates a trend reminiscent of the typical S-N curves in plain fatigue. The predictions have 
been compared against experimental measurements of crack nucleation life reported in literature 
and indicate good agreement. The validity of the proposed methodology—including evaluation 
of stresses and strains, identification of the averaging zone and the CDM calculations—is 
demonstrated for both rough and smooth surfaces and for two different material types. 
7.2. Recommendations for Future work 
The energy-based methodology for prediction of wear is validated for three different sliding 
configurations. It would be of great interest for both the research community and field 
applications to investigate other contact configurations that frequently occur in engineering 
applications. Particularly, it would be of paramount importance to identify the WED coefficient 
and its evolution trend with respect to different types of lubricants, material pairs. The utility of 
this approach can also be investigated for other types of wear mechanisms including abrasive and 
corrosive wear. 
For the crack nucleation analysis, the validity of the proposed approach is verified for the line-
contact fretting condition. It would be of great practical significance to extend this approach to 
the case of conformal contact in dove-tail joints that are used in jet-engines for attachment of the 
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turbine blades. Calculation of the stress field in this application is rather complex and, therefore, 
finite element tools can be employed to obtain the stress distribution at the contact area. Effect of 
remote cyclic loading can also be included realistically by considering the real loading scenarios 
that are often encountered during the life-time of the turbine blades. Furthermore, it would also 
be worthwhile to include the effect of material and crystallographic imperfections by 
implementing a statistical distribution of material properties in the finite element model. 
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